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 A lack of understanding of corrosion fatigue in friction stir welded aluminum 
joints prevents friction stir welding from being implemented in aerospace applications.  
Fatigue testing reveals a 60-75 % reduction in the fatigue life of friction stir welded 
aluminum lap joints immersed in 3.5 % NaCl solution (corrosion fatigue) compared with 
that of lap joints tested in ambient air.  The loss in fatigue life is attributed to accelerated 
fatigue cracking due to hydrogen environment embrittlement. Two polymer sealant 
candidates are investigated: silicone rubber and nylon-11.  Both sealant candidates can be 
applied prior to welding and seal the faying surface gaps in lap joints upon welding.  The 
rubber sealant cures at room temperature after welding and can be welded with the same 
parameters as without the sealant.  The 50 % sample population corrosion fatigue life is 
increased by 22 % with the use of the rubber sealant, but the effectiveness of the rubber 
sealant is limited by its cohesive mechanical properties, e.g. elongation to failure.  In 
ambient fatigue, the nylon sealed welds exhibit twice the 50 % sample population fatigue 
life of other welds.  Finite element modeling predicts a reduction in the stresses in the 
weld due the stiffness contribution of the nylon sealant.  The effectiveness of the nylon 
sealant is limited by its adhesive bond strength. When immersed in water, as in corrosion 
fatigue, the adhesive bond strength is reduced, the sealant bond fails within 500 fatigue 
cycles, and the mechanical benefits of the nylon sealant are negated.  The corrosion 
fatigue life of nylon sealed welds is 26 % less than that of welds without sealant because 
of the more severe hook defect associated with hotter welding conditions required to melt 
the nylon.  Finite element modeling results indicate an increase in stress intensity factors 
of about 10 % in welds with more severe hook defects. 
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1.1 PURPOSE STATEMENT 
 Friction Stir Welding (FSW) of aluminum alloys for aerospace applications offers 
unique advantages over riveting in weight reduction and structural continuity.  A lack of 
understanding of corrosion and corrosion fatigue of friction stir welded aluminum joints 
prevents the process from being implemented.  Studies have revealed a severe loss in 
fatigue life of friction stir welded aluminum joints when immersed in 3.5 % NaCl 
solution [1-3].  This is attributed to hydrogen environment embrittlement consistent with 
findings in the literature regarding corrosion fatigue of aluminum immersed in 3.5 % 
NaCl solution [4-9].  The purpose of this thesis is to investigate the use of a sealant to 
protect a friction stir welded lap joint from corrosive media and reduce the loss in fatigue 
life. Sealant candidates are considered in light of such factors as the sealant properties, 
effect of the sealant on weld properties, and feasibility of pre-weld application. 
 
1.2. FRICTION STIR WELDING 
 Friction Stir Welding (FSW) has been a promising substitute for conventional 
welding, riveting, and other joining techniques since its inception in 1991 at the Welding 
Institute in Cambridge, England.  In high-strength aerospace aluminum alloys, 
particularly the 2xxx and 7xxx series, conventional welding is not feasible due to their 
high risk of solidification cracking [10].  The main alloying elements that contribute to 
the solidification cracking tendency are Cu [11], Mg [12], and Li [13].  Riveting has 
remained the only feasible joining operation available for aerospace structures for these 
 2 
alloys.  Friction stir butt welds of these alloys offer a stronger joint than conventional 
welds with fatigue properties similar to those of riveted joints [14].  A significant weight 
reduction can be achieved with the removal of riveting hardware in addition to the 
reduction in damage associated with riveting hardware breaking loose within the aircraft 
structure.  Even though FSW does not involve any melting, the heat generated by the 
process produces significant changes in the microstructure and produces residual stresses 
on the order of 10-100 MPa [15-16].  With these microstructural changes and residual 
stresses is associated a potentially deleterious effect on mechanical properties and 
corrosion resistance.  Most research has been limited to butt welds joining plates of the 
same alloy. 
 In FSW, a rotating pin is inserted down into the materials to be joined and stirs 
the material with the aid of frictional heat (see Figure 1.1).  The pin is then passed across 
the material forming a weld seam.  FSW yields a thermomechanically affected zone 




(a)      (b) 







produces a weld nugget and an HAZ (see Figure 1.2).  The intense mechanical 
deformation combined with the high temperatures of FSW produces recrystallization 
within about 30 – 50 % of the thermomechanically affected zone [1, 14, 17-19].  The 
region that recrystallizes is referred to as the “weld nugget.”  The region above the weld 




Figure 1.2.  Friction stir welded butt joint of 7050-T7451 plates showing 
various regions of weld.   
 
 
 A relative quantification of heat input to the weld can be estimated by calculating 
pseudo heat index using the welding parameters [20] 














where ω is tool rotation speed in rotations per minute (rpm) and v is feed rate in mm/s 
(in/min).  The mechanical properties of the various zones of the weld are dependent on 
the type of aluminum alloy (heat-treatable or non heat-treatable) and in some cases on the 
base metal heat treatment condition.  High strength aerospace aluminum alloys are of the 
heat-treatable type and derive their improved tensile strength from strengthening particles 
that precipitate while aging after solution treatment.  The spacing between particles is 
inversely related to the strength contribution [21].  Therefore, the strength contribution is 
increased for a given volume fraction of precipitates by decreasing particle size.  This can 
be achieved by aging at lower temperatures, which increases precipitate nucleation rate 
and reduces precipitate growth rate.  Increasing homogeneity of dispersion also improves 
the strength contribution.  Cold work prior to aging increases dislocation density and 
therefore increases the homogeneity of dispersion if the particles nucleate on dislocations, 
as with 2xxx series Al-Cu-Mg alloys. 
 Dixet et al. compared the effects of welding at various heat indices between 9,800 
and 39,400 (rpm)2/(mm/s) on the mechanical properties of butt welds from 2024-T3 and 
2024-T8 [17].  Tempers T3 and T8 involve solution treatment followed by cold work, 
after which T3 is naturally aged and T8 is artificially aged.  The strength of the weld 
nugget increases with increasing heat index and the weld nugget strength and 
microstructure are independent of the base heat treatment condition.  The strength of the 
HAZ increases above that of 2024-T8 with increasing heat index for the naturally aged 
temper (T3) and decreases below that of 2024-T8 with increasing heat index for the 
artificially aged temper (T8).  Therefore, for the T3 condition, the HAZ is the strongest 
region and the base metal is the weakest.  For the T8 condition, the base metal is slightly 
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stronger than the weld nugget, and the HAZ is the weakest region.  The effective heat 
treatment in the HAZ is similar to increasing the aging time or temperature.  Therefore, 
an artificially peak-aged material will likely be overaged in the HAZ while a naturally 
aged material will likely have elevated properties in the HAZ. 
 Pao et al. [1] examined the effects of FSW on the microstructure of 2519-T87 
(peak-aged condition) in different locations of each zone.  Friction stir butt welds were 
made with a rotation speed of 275 rpm and a traverse rate of 1.69 mm/s (heat index = 
44,800 rpm2/mm*s).  Microstructures of each weld zone are shown in Figure 1.3.  In all 
regions of the material affected by FSW, the hardness is significantly lower than that of 
the peak-aged parent material with very fine θ' precipitates.  Higher heat input is 
experienced at the top of the weld nugget than at the bottom resulting in a variance in 
microstructure and properties through the depth in the weld.  This variance includes a 
gradient of recrystallized grain size, decreasing from 12 µm at the top to 2 µm at the 




Figure 1.3.  Microstructure in (a) weld nugget, (b) HAZ, and (c) base 
metal of friction stir welded butt joint of 2519 plates.  Figure from Pao et 
al. [1]. 
A B C 
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overshadowed by the influence of strengthening precipitates.  The precipitates in the top 
region of the weld nugget dissolve completely and re-precipitate resulting in higher 
hardness than the surrounding HAZ (see Figure 1.4).  Complete dissolution is not 
achieved in the bottom of the weld nugget resulting in an overaged microstructure of 
coarse θ particles (~250 nm).  The HAZ is composed of coarsened θ' particles and the 
degree of overaging depends on the distance from the weld.  Similar microstructures have 
been reported for friction stir welded 7050-T7451 [2, 16].  Precipitate-free zones along 
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Figure 1.4. Hardness profile across the top region and bottom region of 
friction stir welded 2519 plates [1]. 
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Compressive residual stresses 20 to 120 MPa were observed in the weld nugget and HAZ 
with corresponding tensile residual stresses less than 120 MPa in the adjacent parent 
metal [16].  Comparable residual stress distribution is reported for plasma arc welding of 
2219 of similar thickness (7 mm) [22]. 
 FSW offers a unique ability to join dissimilar metals.  Successful combinations 
include the union of wrought aluminum alloys of different alloy series [15, 23], wrought 
aluminum to cast aluminum [3, 18], and copper to aluminum [23].  Stirring results in 
heterogeneous mixtures in which alternating layers of each material form what has been 
referred to as an “onion ring” pattern (see Figure 1.5).  The weld nugget strength tends to 




Figure 1.5.  Weld nugget “onion ring” pattern in a friction stir welded lap 
joint of 2024 to 357 aluminum.  
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aluminum revealed low tensile residual stresses (~40 MPa) in the HAZ and low 
compressive residual stresses in the weld nugget (~30 MPa) and adjacent parent materials 
(~20 MPa) [15].  The reduced residual stresses compared with those of joining similar 
materials may be related to the use of different welding parameters.  Butt joining results 
in the highest weld strength when the stronger material is welded on the retreating side of 
the weld (the side at which tool rotation is contrary to tool traverse direction as shown in 
Figure 1.1) [15]. 
 
1.3 MECHANICAL FATIGUE  
 1.3.1 Mechanical Fatigue of Aluminum.  Fatigue crack growth of aluminum 
alloys can be modeled by Paris law 
     da/dN = C (∆K)n            (2) 
where da/dN is crack growth rate per cycle, ∆K is stress intensity factor amplitude, C and 
n are material parameters.  This relationship only fits in stage II, or the Paris regime, of 
fatigue cracking (see Figure 1.6).  Stage I is characterized as an increasing growth rate 
that occurs above a threshold stress intensity factor amplitude ∆Kth, and stage III is 
unstable crack growth preceding overload failure at the critical stress intensity factor Kc.  
Paris parameters for fatigue in air are generally independent of the microstructure and 
type of aluminum alloy but are influenced by stress ratio R and maximum stress intensity 
factor Kmax (see Figure 1.7).  These are interrelated by 
     ∆K = Kmax – Kmin           (3) 
     R = Kmin/Kmax            (4) 
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An approach to using the Paris law was developed by Sadananda et al. that incorporates 
stress ratio by estimating da/dN versus a combined ∆K and Kmax factor [24-25].  In their 
work, the need to quantify crack growth rates in terms of both Kmax and ∆K was 
emphasized due to the competing role of each parameter at low and high R.  At R < 0.5, 
fatigue is controlled by ∆K, and at R > 0.5, fatigue is controlled by Kmax.  These 
competing modes were observed in both ductile cast iron and nickel-based superalloys 
[25].   Stress ratio influences crack growth rates and ∆Kth presumably due to the effect of 
crack closure [26] and/or residual stress [24, 27].  Both of these effects are amplified at 
low R.  Plasticity-induced crack closure is the effect of isolated crack-tip plasticity 
‘holding’ the crack open at low K, effectively increasing the experienced Kmin and 
decreasing ∆K.  Another type of crack closure, roughness-induced crack closure, can 
occur when mode II stress intensity factor displacement prevents a torturous crack 
surface from realigning during unloading, also reducing effective ∆K.  Meanwhile, 
hysteresis can produce compressive residual stress in the crack tip region during 
unloading, which reduces the effective ∆K upon reloading.  Sadananda et al. argue that 
the compressive residual stress effect dominates crack growth retardation in ambient air 
fatigue rather than crack closure [24]. 
 Stress ratio effects can be accounted for to some extent by using ∆K+ in the Paris 
law equation (eq. 2) where ∆K+ = Kmax when Kmin < 0 and ∆K
+ = ∆K when Kmin > 0.  
Kujawski describes an extension of the unified approach developed by Vasudevan et al. 
in which crack growth is driven by maxKK ∗∆
+  [28].  By this method, crack closure 
data can be disregarded, and all crack growth data for an aluminum material fall roughly  
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Figure 1.6.  Schematic of typical fatigue crack growth obeying Paris law.  
Region II denotes where Paris law fits, da/dN = C (∆K)n. 
 
 
under the same curve, regardless of stress ratio.  The data in Figure 1.7 is shown in terms 
of the unified parameter (see Figure 1.8).  Kujawski showed this approach fits for 2324, 
2024, 6013, 7055, and 7075 aluminum alloys.  This approach was explored in depth for 
2024-T351 by Maymon, and a linear relationship between ∆Kth and Kmax,th was observed 
[29]. 
 The presence of two linear regimes in Figure 1.8 may be related to long and short 
crack growth.  Traditional fracture mechanics predicts crack growth for long cracks in 
which the fatigue process zone exceeds the size of microstructural features such as 
precipitates and grain size [31-32].  In short cracks, the process zone is smaller, crack 


























Figure 1.7.  Fatigue crack growth data in ambient air of 2024-T351 at 





























Figure 1.8.  Fatigue crack growth data in ambient air of 2024-T351 at 
various stress ratios versus the unified parameter, maxKK ∗∆
+  [30]. 
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observed below ∆Kth for long crack growth.  Therefore, the first linear regime may be 
related to short cracks and blends into the long crack regime as the crack grows. 
 1.3.2. Mechanical Fatigue of Friction Stir Welded Aluminum.  Fatigue crack 
growth of friction stir welded 2024 butt joints is predominantly controlled by residual 
stress rather than microstructure and hardness changes due to FSW [16, 33].  The crack 
growth rate in the friction stir welded joints compared with the base metal is either higher 
or lower depending on the residual stress.  Fatigue in the HAZ is comparable in crack 
path and fatigue life to the parent metal [34].  The crack path in the thermomechanically 
affected zone, especially in the weld nugget, tends to follow the “onion ring” flow 
pattern.  Hardness variations between these bands suggest a mechanical explanation for 
this crack path in which the crack is directed along the softer bands and deflected by the 
harder bands.  In friction stir welded butt joints, a low-plasticity burnishing technique has 
been shown to improve fatigue life in ambient conditions and in corrosive environments 
with 7050-T7451 [35] and with 2219-T8751 [36-37] by inducing a compressive residual 
stress.  Low-plasticity burnishing is a treatment in which a freely rotating ball tool applies 
a load as it passes across the surface imparting a deep layer (one quarter to one third plate 
thickness) of consistent compressive residual stress (400-500 MPa at the surface) with 
minimal plastic deformation [35, 37-38]. Similar to shot-peening, this is a superficial 
treatment and not likely applicable to T-lap joints in which fatigue nucleation occurs at 
the faying surface notches.   
 Fatigue initiation is controlled by defects in the weld in friction stir welded lap 
joints of 2024 to 357 [3].  The notches formed where the faying surface gaps meet the 
weld act as fatigue pre-cracks (see Figure 1.9).  On the advancing side of the weld, the 
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notch tends to form a hook defect in which the notch is upturned into the top-skin.  The 
oxide surface layer produces a debris field or oxide seam defect across the weld nugget 
emanating from the retreating side faying surface notch.  The extent of these defects is 
controlled by the oxide layer thickness.  Therefore, prior anodization of welded parts 
exacerbates these defects and reduces the joint strength.  However, fatigue life is not 





   
(b)      (c) 
Figure 1.9. (a) Friction stir welded lap joint cross-section with anodized 
parts prior to welding.  Exploded views of (a) show (b) hook defect at the 
advancing side faying surface notch and (c) oxide seam defect at the 
retreating side faying surface notch.  Figure from Van Aken et al. [3]. 
200 µm 100 µm 
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1.4. CORROSION AND CORROSION FATIGUE  
 1.4.1. Corrosion Fatigue of Aluminum.  The presence of a corrosive medium 
drastically increases the crack propagation rate in fatigue of aerospace aluminum alloys, 
particularly in aqueous chloride solutions.  The exact mechanism of environmentally 
assisted fatigue crack propagation is unclear, but the effect of a corrosive medium is 
thought to be related to hydrogen-environment embrittlement in the crack-tip region.  It 
has been suggested in the literature that stress-corrosion cracking mechanisms are similar 
to those in environmentally assisted fatigue cracking [39-41].  A similarity in 
intergranular crack morphology is in strong support of this hypothesis [5, 8].  At the 
current level of understanding, it is difficult to discern between static hydrogen-induced 
cracking (with hydrogen embrittlement mechanism) and classical stress corrosion 
cracking (involving the direct effect of material loss due to localized corrosion) and 
similar mechanisms may be at work in each case.  For the purpose of this thesis, stress 
corrosion cracking and static hydrogen-induced cracking in aluminum alloys will be 
regarded collectively as static environmentally assisted cracking with the assumption that 
similar mechanisms operate in corrosion fatigue (particularly the hydrogen embrittlement 
mechanism). 
 Models have been developed based on an additive effect of environmentally 
assisted cracking on mechanical fatigue [39-41].  In early stage environmentally assisted 
fatigue cracking, ∆K is low and environmental effects are amplified resulting in 
intergranular or flat transgranular crack morphologies (for both short and long cracks) 
[8].  Although these crack morphologies are indistinguishable with those of static 
environmentally assisted cracking, Holroyd and Hardie compare such a model with crack 
 15 
growth data and find it to be invalid.  Instead, a synergistic effect of combined 
environmentally assisted cracking and mechanical fatigue is suggested, since crack 
propagation rates can be significantly higher than the sum of crack growth velocities in 
mechanical fatigue and static environmentally assisted cracking under similar conditions.  
The increased crack growth velocity in corrosion fatigue compared with static 
environmentally assisted cracking may be related to the higher strain rates at the crack tip 
in fatigue loading. 
 The mechanism of hydrogen embrittlement in cyclically loaded aluminum alloys 
is controversial.  One explanation suggests that increased dislocation movement from 
excess hydrogen concentration results in localized plasticity and ductile fracture at lower 
stresses [42].  Another explanation suggests that the presence of hydrogen reduces 
cohesive strength and promotes decohesion [43-45].  A third theory suggests 
embrittlement is due to hydride formation at grain boundaries [46-47].  All three theories 
agree that hydrogen concentration at the crack tip is a controlling factor. 
 Hydrogen embrittlement theories are supported by findings relating corrosion 
fatigue cracking rates to hydrogen diffusion [6-8, 48-49].  Holroyd and Hardie found that 
accelerated corrosion fatigue rates in seawater are controlled by hydrogen diffusion along 
grain boundary paths in 7xxx series alloys [8].  The rate of flat transgranular corrosion 
fatigue propagation predicts about 10-13 m2/s hydrogen diffusion rate at room 
temperature, consistent with grain boundary diffusion in 7xxx series alloys [50-51].  This 
finding suggests that the primary classical corrosion fatigue mechanism, that is the anodic 
dissolution promoted by mechanical destruction of the passive layer at the crack tip, 
promotes crack propagation indirectly in aluminum in corrosive environments.  
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Corrosion at the crack tip promotes the cathodic production of hydrogen which increases 
the hydrogen concentration in the crack tip. 
 As crack growth occurs, bare aluminum metal is exposed to and reacts with H2O 
whether in water vapor or in solution, the products of which form hydrogen ions that 
diffuse into the crack tip [52].  This reaction has shown dependence on pH and Cl- 
concentration; it is promoted by the presence of NaCl solute and a reduction in pH [53].  
Hydrogen diffusion is driven by hydrogen concentration and hydrostatic tensile stress at 
the crack tip [48, 54] and is expected to be accelerated due to the high dislocation density 
in the deformed metal at the crack tip.  In Ni, increased dislocation density due to 
deformation increases the apparent diffusivity of hydrogen from 10-14 to 10-9 m2/s [55-
56]. 
 In addition to aqueous solutions, environmentally assisted fatigue cracking is 
observed in ambient air fatigue due to the presence of water vapor.  Wei reported that the 
crack propagation rates in both 2xxx and 7xxx series alloys in gaseous environments at a 
given ∆K are proportional to the product of partial pressure of water vapor and the 
inverse of crack opening frequency [49].  In a vacuum, short and long crack growth rates 
are dependent of microstructure, particularly grain size and whether or not the 
strengthening precipitates are shearable [57-58].  This microstructural dependency may 
be related to the difference in crack path roughness and roughness-induced closure due to 
enabling of planar slip and slip reversibility (reduced persistent slip bands).  In contrast, 
long fatigue crack growth rates in humid air in the Paris regime are generally 
microstructure independent [28, 57].  It is thought that the embrittlement due to the 
presence of hydrogen in moist air negates the beneficial effects of microstructural 
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features such as slip reversibility due to shearable strengthening precipitates.  The crack 
morphology in a vacuum has been characterized as ductile, striated transgranular at all 
da/dN, whereas that of fatigue in moist air is dependent on da/dN [58].  At near threshold 
da/dN in moist air, fatigue is brittle transgranular; at higher da/dN, fatigue is ductile 
transgranular.   
 Holroyd and Hardie evaluated the effect of cycling frequency f between 0.1 and 
70 Hz for 7017 in natural seawater [8].  It was found that a combination of long crack tip 
exposure time per cycle (low f) and low ∆K (early stage crack growth) for a constant R 
results in intergranular crack morphology, similar to that in static environmentally 
assisted cracking of the same alloy.  As crack growth continues and ∆K increases, the 
crack propagation progresses to a brittle transgranular mode.  The ∆K at which this 
transition takes place decreases with increasing frequency and corresponds with the 
transition from stage I crack growth to Paris regime crack growth.  Further increase in 
frequency resulted in another transition of crack morphology to one characterized as 
ductile, striated transgranular, similar to that in dry air [8].  The ∆K at which this 
transition takes place also decreases with increasing frequency.  This implies that at high 
frequencies the crack propagation is likely dominated by mechanical fatigue mechanisms, 
whereas at low frequencies, environmentally assisted cracking modes dominate.  Similar 
progression in environmentally assisted fatigue crack morphology during crack growth 
has been observed in 2024 [5]. 
 Gasem and Gangloff [6-7] explored the dependence of cycling frequency on 
environmentally assisted fatigue crack propagation rates for various environments and 
alloys.  For a given environmental hydrogen concentration in moist air and aqueous 
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solutions, a critical frequency fcrit exists at which crack growth rate per cycle da/dN is 
maximized because of hydrogen saturation at the crack tip.  da/dN decreases with 
increasing frequency at frequencies higher than fcrit and hydrogen diffusion becomes a 
controlling factor.  A plateau in da/dN exists for a range of frequencies below fcrit but at 
very low frequency, da/dN decreases presumably due to crack closure with increasing 
corrosion product in the crack wake (see Figure 1.10) [6-7, 48].  It should be noted that 
the decline in da/dN at low frequency is not observed for moist air fatigue presumably 
because insufficient oxide is produced to induce crack closure [59].  Studies on 7xxx 
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Figure 1.10.  Crack growth rate versus cycling frequency at various ∆K for 
7075-T651 in 3.5 % NaCl solution at R = 0.1 [6].  Dotted line denotes 
critical frequency trend: da/dN α 1/√fcrit.  The plateaus at f below fcrit 
represent regions of crack tip hydrogen saturation. 
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to 1/√f, consistent with hydrogen diffusion controlled, environmentally assisted fatigue 
cracking [6-8].  However, a similar study of environmentally assisted fatigue cracking in 
2090 showed no such frequency dependence [9].  This study was limited to frequencies 
between 0.1 and 20 Hz and ∆K of only 2 MPa√m.  At low ∆K in 7075 alloys, fcrit is 
expected to increase far above 20 Hz.  Gangloff suggests these findings illustrate the 
plateau region of frequency and support a similar frequency dependence of 
environmentally assisted fatigue in 2xxx series alloys [4]. 
 Age hardening effects on environmentally assisted fatigue crack propagation rates 
are unclear and research is incomplete.  Lin and Starke reported that overaging or 
increasing Cu content in Al-6Zn-2Mg-xCu (similar to 7075) reduces hydrogen 
embrittlement effects on fatigue crack growth rates in distilled water versus dry air [60].  
Lin and Starke attribute this to the formation of noncoherent precipitates during 
overaging that produce a more homogeneous slip and reduce hydrogen transport via 
dislocations through the crack tip region [39].  However, Gasem and Gangloff reported a 
higher critical frequency for overaged versus peak-aged in 7075, or in other words, less 
time per cycle required to saturate the crack tip with hydrogen, implying a higher 
diffusivity in the overaged condition [6].  Therefore, the role of planar slip in the peak-
aged condition (promoted by coherent and shearable precipitates) in destroying the crack 
tip passive layer and promoting corrosion activity should be considered.  It was 
previously noted that overaging increases crack growth rates in a vacuum by reducing 
slip reversibility, crack path roughness, and thus crack closure [57, 61].  Aging studies on 
2024-T351 show no dependence of environmentally assisted fatigue crack propagation 
rates for fatigue in moist air [61], consistent with common observations regarding 
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microstructural effects on ambient air fatigue crack growth rate and crack roughness of 
long cracks [57].  Before hydrogen embrittlement effects can be successfully mitigated 
by metallurgical means, a more thorough investigation is necessary to separate the 
environmentally assisted fatigue cracking modes involved with different environments. 
 1.4.2. Corrosion of Friction Stir Welded Aluminum.  FSW in aluminum alloys 
alters the microstructure [1-2, 16-17] and incorporates residual stresses [15-16, 33].  Both 
of these results are detrimental to corrosion resistance and cause increased corrosion in 
the metal affected by the weld.  In the case of 2024, Davenport et al. [62] reported a 
dependence of anodic activity on welding parameters where increased localized 
intergranular corrosion in the weld nugget is associated with slow tool rotation speed 
(lower heat index) and in the HAZ with fast tool rotation speed (higher heat index).  
Cathodic activity in the weld nugget increases with higher speeds due to fragmentation 
and re-precipitation of intermetallic particles, thus, protecting the weld nugget from 
corrosion, and resulting in increased corrosion in the HAZ instead.  A study on FSW of 
dissimilar 2024 to 7010 reported increased cathodic activity in the 2024 portion of the 
weld nugget and corresponding intergranular corrosion in the 7010 portion of the weld 
nugget [63]. 
 Van Aken et al. investigated the effects of anodizing prior to FSW of 2024 to 357 
[3].  Lap joints were immersed in a lap joint simulant solution developed by Kelly and 
Ferrer [64].  It was found that the anodized lap joints exhibited improved corrosion 
protection.  Although corrosion of both anodized and bare welds reduced fatigue life of 
the lap joints, the extent was less severe for the anodized welds. 
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 1.4.3. Corrosion Fatigue of Friction Stir Welded Aluminum.  A study on 
friction stir welded 7050-T451 investigated the effects of pre-corrosion on mechanical 
fatigue properties [19].  The fatigue endurance limit was reduced by 50 % after exposure 
for 100, 500, or 1000 hours in wet/dry salt fog cycling described in Annex 5 of ASTM G 
85 [65].  For samples exposed 0 or 100 hours, fatigue initiation occurred at the interface 
between the thermomechanically affected zone and weld nugget.  For samples exposed 
500 or 1000 hours, fatigue initiated at pits in the HAZ.  Electrochemistry studies showed 
the HAZ and thermomechanically affected zone act as anodes to the base metal and weld 
nugget.  This is supported by the observation of deeper pits in the HAZ and 
thermomechanically affected zone of corroded specimens. 
 Pao et al. [1] compared the fatigue crack growth of friction stir welded 2519-T87 
butt joints through the base metal, weld nugget, and HAZ.  Specimens were fatigued in 
ambient air and 3.5 % NaCl solution.  In both the NaCl solution and air, fatigue crack 
growth rates were highest in the base metal, followed by the HAZ, and lowest in the weld 
nugget.  An opposite trend was observed for ∆Kth, that is, lowest for the base metal and 
highest for the weld nugget.  An investigation on friction stir welded 7050-T7451 aged 
after welding reported that crack growth rates in the weld nugget were nearly as high as 
those in the base metal and were lowest in the HAZ [2].  It is suggested that the reduced 
crack growth rates in the weld region for both 7050 [2] and 2519 [1] alloys is related to 
the presence of compressive residual stresses, since the strength and hardness of weld 
regions are actually lower than those of the base metal.  Fatigue crack growth rates for 
each region in the 3.5 % NaCl solution are roughly twice those in ambient air in the 
intermediate and high ∆K regimes for both alloy systems.  However, at low ∆K, 
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corrosion-product induced closure reduces crack growth rates in 3.5 % NaCl solution.  As 
a result, the effective ∆Kth in the 3.5 % NaCl solution is higher than that in air and at ∆K 
below about 5 MPa√m for both 2519 and 7050, crack growth rates in 3.5 % NaCl 
solution are actually lower than those in air. 
 Stress-life fatigue testing in air of friction stir welded 2519 revealed that the 
fatigue life and fatigue threshold are lower than those of the base metal alone [1].  
Fatigue specimens were machined in the transverse direction and contain in the gage 
section the weld and surrounding parent metal.  Fatigue occurs through the softest region 
in this configuration, the HAZ.  The fatigue life in 3.5 % NaCl solution of the base metal 
and that of weld are comparable and much lower than those observed for fatigue in air.   
 Fatigue crack surfaces through the base metal and HAZ in both air and 3.5 % 
NaCl solution were reportedly transgranular in nature in friction stir welded 7010 [2].  In 
the weld nugget, crack surfaces were transgranular for fatigue in air and intergranular for 
fatigue in 3.5 % NaCl solution.  The difference in crack path in the weld nugget may be 
related to the depletion of Cu and Zn at subgrain boundaries, as was observed in friction 
stir welded 7075, which could sensitize the grain boundaries and promote intergranular 
environmentally assisted cracking [66].  This transition from transgranular to 
intergranular crack path was also observed as frequency is decreased below fcrit in parent 
metal [8, 48] indicative of a transition from predominantly mechanical fatigue to 
environmentally assisted fatigue. 
 Fatigue in 3.5 % NaCl solution of friction stir welded lap joints revealed severely 
reduced fatigue lives regardless of whether the parts were anodized prior to welding [3].  
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It is thought that the bare aluminum surface of the weld scroll acts as a path for hydrogen 
transport to the weld nugget and fatigue crack tip. 
 
1.5. SEALANTS FOR FRICTION STIR WELDED LAP JOINTS 
 One method of mitigating corrosion is to protect the lap joint gaps via a sealant 
(see Figure 1.11).  The size of the gap (< 1 mm) does not lend itself well to a post-weld, 
sealant application.  Therefore, a sealant must be applied prior to welding. The sealant 
must be welded through without being retained in the weld or affecting the weld 
properties.  Sealants for conventionally welded lap joints have been investigated and 
developed, particularly for steels [67-69].  FSW involves heat evolution which can be 
used similarly for conventional welding to cure or melt a sealant.  Because the process is 
fairly rapid and heat dissipation rates are quick, a curing step after welding may be 
necessary to allow enough time at elevated temperatures.  This additional heat treatment 
is not desirable for large aerospace structural components.  Therefore, a room 




Figure 1.11.  Cross-section schematic of friction stir welded lap joint with 




 Investigation of sealants for friction stir welded lap joints has been limited to low 
temperature melting Al-Ge alloy [70], curable elastomers [71], and nylons [72].  A 
friction stir welded lap joint sealant for aerospace applications requires chemical stability, 
mechanical strength, and a low process temperature (melting or curing temperature). 
These properties can be met with a polymer or a metal, but for the purposes of this thesis, 
only polymeric candidates will be addressed. 
 Chemical stability can be broken down into oxidation and corrosion resistance, 
electrochemical inertness with joint metal, and low water absorption.  Mechanical 
strength of interest comprises primarily adhesive and cohesive strength.  Cohesive 
strength is related to bulk tensile properties of the material.  Adhesive strength of a 
polymer on a metal is limited by cohesive strength of the polymer [73].  Adhesive 
strength is also proportional in an ideal sense to the work of adhesion Wa between the 
polymer and metal by 
αββα γγγ −+=aW           (5) 
where γα is the surface tension of the adhesive (polymer), γβ is the surface tension of the 
adherend (metal), and γαβ is the interfacial tension between the components.  The surface 
and interfacial tensions also influence interfacial void size as they determine wettability.  
A polymer with high strength and good wettability with the joint metal is ideal for 
adhesive strength.  These properties need to be weighed with chemical stability and low 
process temperature.  For aerospace applications, a polymer should have a melting point 
above the range of expected exposure and retain its properties throughout the range. 
 Nylon polymers fit the requirements of chemical and mechanical stability and the 
structure can be varied to achieve an appropriate melting temperature.  The chemical 
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structure of a Nylon–6 is shown in Figure 1.12.  Nylon–n is composed of (n – 1) 
consecutive ethylene groups separated by an amide group. 
 Nylon can also have an alternating structure in which each amide group is 
oriented oppositely as in Nylon–6/6 (see Figure 1.13) and can have alternating quantities 
of ethylene groups between amide groups as in Nylon–4/6 (see Figure 1.14).   
 With increasing nylon number, the density of amide groups in each polymer chain 
decreases and the structure of the polymer approaches that of polyethylene.  It follows 
that the physical properties also approach those of polyethylene, particularly the melting 
point [74].  Bonding between chains in nylon is dominated by hydrogen bonding between 
amide groups of adjacent chains [75].  This bonding gives nylon high crystallinity and 
high stiffness.  As the amide group density decreases (increasing nylon number) the 
crystalline interactions are reduced and the melting temperature and glass transition 






Figure 1.12.  (a) Structure of Nylon–6 monomer bearing six consecutive C 
atoms per monomer: five in the ethylene groups and one in the amide 
group. (b) Alternative representation of Nylon–6 monomer in a chain 
(denoted by parentheses). 
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Figure 1.13.  Structure of Nylon–6/6 monomer, similar to Nylon–6 except 
for position of oxygen double-bond which yields an alternating orientation 




Figure 1.14.  Structure of Nylon–4/6 monomer.  Note only four C atoms 
between N atoms. 
 
 
 Because water is a highly polar liquid, water absorption in nylons varies 
proportionately with polarity of the nylon [75].  As the nylon number decreases and the 
polar amide group density increases, the polarity of the nylon increases and greater water 
absorption is expected. Water absorption reduces the elastic modulus, strength, and 
elongation of nylons [77-80].  For the sake of avoiding water absorption, the amide group 
density should be minimized by using a high nylon number. 
 In addition to amide group density, there is also an effect of even versus odd 
nylon number on bond density as shown by Slichter [81].  In a nylon crystal, chains can 
either be aligned parallel or anti-parallel.  The arrangement occurs during solidification 
and is not purely random. There is a tendency for a nylon crystal to associate one way or 
the other.  In odd nylons, a parallel structure is favored.  However, because of the 
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arrangement of amide groups, the bond density is the same whether in a parallel or anti-
parallel structure (see Figure 1.15).  The reason for the preference may be related to the 
parallel structure providing a stronger association due to collinearity of the dipoles.  In 
even nylons, the parallel structure has half the bond density of the anti-parallel structure, 
and so the anti-parallel structure is favored (see Figure 1.16).  The anti-parallel structure 
lacks the dipole collinearity of the parallel structure and so even number nylons 
presumably have weaker crystalline association than odd number nylons with similar 
amide group density (i.e. less efficient crystalline bonding).  Since the hydrogen bonds 
between amide groups of adjacent chains are responsible for the high strength and 
toughness of nylons, the density of these bonds will likely influence the mechanical 
properties.  Therefore, an odd number nylon is expected to possess a superior ratio of 





Figure 1.15. (a) Parallel and (b) anti-parallel crystal alignment in an odd 





Figure 1.15. (cont.) (a) Parallel and (b) anti-parallel crystal alignment in an 







Figure 1.16.  (a) Parallel and (b) anti-parallel crystal alignment in an even 




 The more efficient hydrogen bonding associated with odd number nylons versus 
even number nylons has implications with respect to melting temperature.  Each series, 
even and odd, follows a trend of increasing melting temperature with decreasing nylon 
number but the odd number nylons have a higher melting point for a given amide group 
density, as observed by Holmes et al. [74] (see Figure 1.17).  Nylon glass transition 
temperatures also tend to increase with decreasing nylon number [76], but a distinction 
between glass transition temperature and nylon number trends for even and odd nylons 
does not exist.  This implies a higher dependency of glass transition and enabling of 
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Figure 1.17.  Melting point of various nylons, designated by nylon number 
[74].   Melting point decreases with increasing nylon number (decreasing 
amide group density) approaching that of polyethylene.  Odd number 
nylons follow a steeper trend than even number nylons. 
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 An odd number nylon will have a lower amide group density and more efficient 
bonding than an even number nylon with a similar melting point.  Therefore, water 
absorption should be lower in an odd number nylon than an even number nylon of similar 
strength.  By this justification, an odd number nylon is preferred as a sealant.  Further 
selection of nylon should be based on melting temperature to fit FSW processes and still 
retain its properties throughout exposure ranges.  On this basis, Nylon–11 (melting point 
~195 ºC) was selected and pursued as a lap joint sealant candidate. 
 Addition of strong, solid fillers to polymers tends to increase the stiffness and 
tensile strength while decreasing the elongation to failure [82-89].  The ability to increase 
the stiffness and strength requires strong adhesion of the filler particles to the polymer 
matrix [86, 88, 90-92] and can be improved by pre-treating the filler material, such as 
with a silane treatment, to improve wettability of the polymer to the filler [85-86, 92].  
Fillers investigated for nylons include mica [83], calcium carbonate [84], glass beads [85, 
89], and silicates [86].  Reported properties are listed in Table 1.1 and filler effects on 
polypropylene and polyvinyl chloride are included for comparison. 
 Friction stir lap joining is a fairly rapid process with tool speeds typically on the 
order of 1 – 6 mm/s.  As the tool passes, the structures being joined act as heat sinks and 
heat dissipation occurs rapidly.  The polymer sealant is melted by the heat generated but 
only has a brief time window in which to thoroughly wet the rough surfaces of the 
adjoining metal structure before re-solidification.  
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Table 1.1.  Summary of Mechanical Properties of Filled Polymers 











Nylon - 6 None - - - 26.5 0.92 - 85 
  Glass 45 µm Beads 0.05 25 0.98 - 85 
        0.25 28 1.9 - 85 
        0.40 21 2.8 - 85 
Nylon - 6 None - - - 71.7 1.07 120.6 84 
  0.7 µm Particles 0.05 66.3 1.22 61.3 84 
  
Calcium 
Carbonate     0.10 61 1.36 42.4 84 
        0.15 54.4 1.55 32.7 84 
        0.20 48.1 1.62 47 84 
        0.25 44.5 1.95 30.2 84 
        0.28 38.9 1.68 48.4 84 
    3.5 µm   0.10 57.9 1.47 49.2 84 
        0.20 50.8 1.82 38 84 
        0.28 40 1.75 43 84 
        0.40 28.6 2.85 11.8 84 
Nylon - 6 None - - - - 1.37 - 83 
  Mica 0.9-180 
µm 
Particle 0.05 - 1.5 - 83 
        0.10 - 2 - 83 
        0.20 - 4.2 - 83 
Nylon - 
6/6 
None - - - 79.3 - - 89 
  Glass - Beads 0.40 97.9 - - 89 
None - - - 26 1.24 - 82 Poly- 
propylene Graphite 200 nm 
(diam.) 
Fibers 0.15 30 2.72 - 82 
None - - - 32 1.57 - 85 Poly- 
propylene Glass 45 µm Beads 0.05 30 1.8 - 85 
        0.10 28 2 - 85 
        0.20 22 2.4 - 85 
        0.40 17 3.1 - 85 
        0.50 10 3.8 - 85 
PVC None - - - 19.5 0.0103 365 87 
  - - 0.20 19.5 0.0115 375 87 
  
Calcium 
Carbonate     0.33 17.1 0.0111 320 87 
        0.66 8.6 0.0067 225 87 
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 In wetting of an uncured or molten polymer onto a smooth surface, wetting 
becomes a dynamic process related to the polymer viscosity.  For liquids with high 
viscosity, the dynamic wetting angle θd is increased per 














θtan           (6) 
where η is viscosity, γ is the liquid surface tension, vf is the velocity of the advancing 
liquid film, and m and n are constants [93].  Wetting of a liquid on a rough surface is 
benefited by capillary action in crevices and pores [94] (additionally, adhesion to a rough 
surface is stronger because of mechanical gripping and increased surface area [73]).  The 
filling of pores and crevices may be aided by increasing the driving pressure behind the 
liquid.  However, this too is limited by the viscosity of the liquid in that additional force 
is required to push a more viscous liquid per Newton’s law of viscous flow 
     τ =η∗
dγ
dt
           (7) 
where dγ/dt is shear rate and τ is shear stress.  Adhesion and wetting are rate-sensitive and 
the factors influencing this rate, such as viscosity and equilibrium wettability, should be 
considered for the dynamic process of sealing a friction stir welded lap joint. 
 The effect of fillers on adhesive bond strength is complicated.  The addition of 
ceramic fillers may reduce the interfacial surface tension of the polymer with a ceramic 
surface (such as anodized aluminum) and thus improve the equilibrium wettability.  
However, the addition of fillers also increases the viscosity of a suspension of rigid 
particles ηs as per Einstein’s equation [95] 
     ( )φηη Es k+= 1           (8) 
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where η is the viscosity of the liquid without particles, Φ is the volume fraction of 
spherical particles, and kE is a positive constant related to the shape of the particles equal 
to 2.5 for spheres. 
 Fillers may improve equilibrium wettability while increasing viscosity.  These 
properties have conflicting effects on dynamic wettability.  The effect of fillers on the 
mechanical properties and therefore the adhesive bond strength (per eq. 5) is highly 
varied depending on strength of the filler and wetting of the polymer to the filler material.  

















2. EXPERIMENTAL PROCEDURE 
 
2.1. FABRICATION OF FRICTION STIR WELDS 
 Friction stir welded lap joints used for this investigation are equivalent to those 
used in a study by Van Aken et al. [3].  Lap joints were made by welding 2024-T8 top-
skin of 20.3 cm (8 in) width, 0.9 m (3 ft) length, and 3.18 mm (0.125 in) thickness to 
357-T6 cast T-rails of 0.9 m (3 ft) length (see Figure 2.1).  The region of material that is 
joined occupies a portion of the faying surfaces leaving faying surface gaps on either side 
of the weld (see Figure 2.1b).  Aluminum components were sulfuric acid anodized prior 
to welding.  Two anodization procedures were investigated (Boeing specification 
PS13201): a standard sulfuric acid anodization (type 2, class 1); a thin film sulfuric acid 
anodization (type 2A, class 1).  The flat top of the T-rail onto which the top-skin is joined 
is milled to improve flatness prior to anodization and welding.   
 
 
             
         (a)             (b)   
Figure 2.1.  (a) Cross-section schematic with dimensions in mm of 357-T6 
T-rail.  (b) Cross-section schematic of friction stir welded lap joint.  





 Linear welds were made using an FSW tool (FSW0033-2003) designed by the 
Boeing Company.  The tool is designed for 3.18 mm (0.125 in) thick top-skins and for 
welding with 0º tool tilt.  A custom FSW unit owned and operated by the Boeing 
Company was used and is capable of maintaining constant downward force during 
welding.  Top-skins were clamped to the T-rails using a series of evenly spaced 
pneumatic finger clamps (see Figure 2.2).  Finger clamps were spaced every 19 cm (7.5 




Figure 2.2.  Finger clamp arrangement that applies direct pressure over 
faying surface gaps during welding. 
 
 
 Some welds were formed with a sealant material to fill the faying surface gaps.  
CorvelTM White nylon-11 and DAPCOTM rubber were used as sealants.  CorvelTM White 
was supplied by Rohm and Haas Powder Coatings (product code 78-1001) and is an     
electrostatic spray grade powder composed of nylon-11 with 10-15 % TiO2 and 1-5 % 
amorphous SiO2.  The average particle size of Corvel
TM powder is 65 µm as reported by 
the manufacturer.  DAPCOTM silicone rubber is a two-part room temperature vulcanizing 
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elastomer manufactured by Cytec Industries as a high temperature ablative sealant 
(product code 2900). 
 The nylon-11 sealant was applied to the T-rail prior to welding as a pre-fabricated 
sheet.  The method for fabricating sealant sheet is described in Appendix A.  Sealant 
sheet thickness prior to welding was 150 - 200 µm (0.006 - 0.008 in) for welds with prior 
thin film sulfuric acid anodization.  For bare welds and welds with prior standard sulfuric 
acid anodization, sealant thickness prior to welding was 100 – 130 µm (0.004 – 0.005 in).  
The rubber sealant was applied to the T-rail prior to welding in the uncured state and 
allowed to cure after welding. 
 The following welding parameters were varied in order to achieve proper welds 
with minimal flash and controlled heat input: tool rotation speed; feed rate; downward 
force.  Baseline welds (without sealant) and welds with DAPCOTM rubber sealant were 
performed at feed rate of 4.2 mm/s (10 in/min), 900 rotations per minute (rpm), and 6.9 
kN (1550 lbs) downward force.  For welds containing nylon-11 sealant, a significantly 
higher heat index was used by reducing feed rate to 3.6 mm/s (8.5 in/min) and increasing 
rotation speed to 1100 rpm (see eq. 1).  One or two welds of 61 – 76 cm (24 – 30 in) 
length were made with each combination of anodization and sealant used for testing.  A 
metallographic specimen of the each weld was prepared from a section 25 – 38 cm (10 – 
15 in) from the weld plunge for microstructural analysis.  Nomarski optical images were 





2.2. MECHANICAL TESTING OF LAP JOINTS 
 2.2.1. Tensile Testing.  Tensile testing was conducted on 2-4 specimens of each 
weld.  Lap joints were sectioned into 2.5 or 3.8 cm (1 or 1.5 in) weld coupons for tensile 
testing.  The top-skin ears were clamped on both sides of the weld and were separated by 
a distance of 3.68 cm (1.45 in) as shown in Figure 2.3.  The T-rail was clamped and 
displacement-controlled tension was applied at 0.02 mm/s.    The load cell was calibrated 
per ASTM E 74 – 06 [96] and grips were aligned such that the fixture complies with 
ASTM E 1012 – 05 [97] for tensile and fatigue testing.  Calibration and alignment was 
maintained throughout all mechanical testing.  Maximum tensile load per length of weld 
and load required to break sealant bonds were determined via tensile testing.  Nylon 
sealed welds with prior thin film sulfuric acid anodization were tested in both the as-
welded condition and after a heat treatment at 200 ºC for 10 min to repair the nylon-




Figure 2.3.  Arrangement for tensile testing of weld coupons.  Top-skins 
are clamped via ear clamps. 
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 2.2.2. Ambient Fatigue Testing.  Preliminary ambient fatigue testing was 
conducted using 3.8 cm (1.5 in) weld coupons.  The preliminary fatigue fixture elements 
were made of steel.  Loading and clamping was performed similarly to tensile testing 
with 3.68 cm (1.45 in) clamp separation (see Figure 2.4a).  Subsequent fatigue testing 
was conducted on 2.5 cm (1 in) weld coupons using aluminum ear clamps in an 
aluminum fixture designed for immersion testing (see Figure 2.4b).  The T-rail grip was 
made of 17-4 Ph stainless steel and is attached via a universal joint to minimize 
misalignment effects (in contrast to the rigid upper grip used with the steel test fixture).  
 
 
     
Figure 2.4.  (a) Preliminary ambient fatigue tests were conducted with 
steel fixture with rigid upper clamp. (b) Subsequent ambient fatigue tests 
and corrosion fatigue tests were conducted with aluminum fixture with (c) 




 Ambient fatigue testing was conducted at 8 Hz cycling frequency with a stress 
ratio R = 0.1 (ratio of minimum load to maximum load).  Preliminary tests were 
performed at maximum cycling load of 78.8 N/mm (450 lbs/in) of weld on 3.8 cm (1.5 
in) weld coupons using the steel fixture with rigid upper grip.  Preliminary testing was 
conducted on welds with CorvelTM nylon-11 sealant that received standard sulfuric acid 
anodization prior to welding.  Eight to nine specimens were tested for each condition. A 
2-parameter Weibull statistics method was used to analyze the fatigue life for all fatigue 
testing conditions.  Crack initiation life was estimated by observing the first deviation in 
loop displacement (displacement at maximum load minus displacement at minimum 
load).  Results of ambient fatigue testing are compared with those reported by Van Aken 
et al. [3] using equivalent welding and testing practice without sealant comparing welds 
with no prior anodization to those with standard sulfuric acid anodization.  A complete 
list of the fatigue experimental design is shown in Table 2.1.   
 Subsequent ambient fatigue testing was conducted using the aluminum test 
fixture, 2.5 cm (1 in) weld coupons, and a maximum cycling load of 52.5 N/mm (300 
lbs/in) of weld.  All other parameters were maintained with respect to preliminary tests.  
Testing was conducted to compare three welding conditions all with thin film sulfuric 
acid anodization prior to welding: no sealant; CorvelTM nylon-11 sealant; DAPCOTM 
rubber sealant.  Eight specimens were tested from each condition and the fatigue life data 
was analyzed using Weibull statistics.  Nylon sealed welds were tested after a repair heat 
treatment at 200 ºC for 10 min. 
 A study was conducted to compare the fatigue testing fixtures used for 
preliminary and subsequent testing.  Welds fabricated with DAPCOTM rubber sealant and 
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thin film sulfuric acid anodization were used.  Welding was conducted with the same 
parameters as welds without sealants: 4.2 mm/s (10 in/min); 900 rpm; 6.9 kN (1550 lbs).  
2.5 cm (1 in) coupons of these welds were tested at 78.8 N/m (450 lbs/in) of weld at 8 Hz 
cycling frequency and 0.1 stress ratio.  Six specimens were tested with the steel fixture 
and six were tested with the aluminum fixture.  For each fixture, three specimens were 
tested with the universal grip and three with the rigid grip. 
 
 








Bare* None* Steel* 450* Ambient*   
Standard* None* Steel* 450* Ambient*   
Standard CorvelTM Steel 450 Ambient   
Thin Film DAPCOTM Steel 450 Ambient   
Thin Film DAPCOTM Aluminum 450 Ambient   
Thin Film None Aluminum 300 Ambient   
Thin Film CorvelTM Aluminum 300 Ambient   
Thin Film DAPCOTM Aluminum 300 Ambient   
Thin Film None Aluminum 300 3.5 % NaCl   
Thin Film None Aluminum 300 3.5 % NaCl X 
Thin Film CorvelTM Aluminum 300 3.5 % NaCl   
Thin Film CorvelTM Aluminum 300 3.5 % NaCl X 
Thin Film DAPCOTM Aluminum 300 3.5 % NaCl   
Thin Film DAPCOTM Aluminum 300 3.5 % NaCl X 




 2.2.3. Corrosion Fatigue Testing.  In situ corrosion fatigue tests were conducted 
using neutral 3.5 % NaCl solution prepared per ASTM G 44 – 99 [98].  Each specimen 
was immersed in fresh solution during the fatigue testing and tested until failure at a 
maximum cycling load of 52.5 N/mm (300 lbs/in) of weld and cycling frequency of 4 Hz.  
All other testing parameters matched those of ambient fatigue testing.  Corrosion fatigue 
testing was conducted using 2.5 cm (1 in) weld coupons and some coupons were masked 
in order to protect aluminum surfaces exposed from specimen sectioning and the exposed 
weld scroll surface (see Figure 2.5a).  A low modulus polyurethane DAP® aquarium 
sealant manufactured by Dow Corning® was used for the mask.  Three welding 
conditions were compared, and all were thin film sulfuric acid anodized: no sealant; 
CorvelTM nylon-11 sealant; DAPCOTM rubber sealant.  Nylon sealed welds were tested 
after a repair heat treatment at 200 ºC for 10 min.  Eight specimens of each condition 
were tested, six of which were masked and two of which remained unmasked.  Of the six 
masked nylon sealed weld coupons, two received additional masking across the sealant 
fillet (see Figure 2.5b).  Weibull statistics were used to analyze the fatigue life data. 
 Sample fatigue fractures from failed weld coupons without sealant were examined 
in a Hitachi S-570 scanning electron microscope.  Images were obtained with secondary 
electron detection at 15 kV accelerating voltage and 20 mm working distance.  Two 
fracture surfaces were examined: one of a specimen tested in ambient fatigue conditions; 





   (a)              (b) 
Figure 2.5.  (a) Fatigue test specimen in which exposed aluminum surfaces 
are masked.  Exposed surfaces due to sectioning are denoted by black 
arrows and the weld scroll surface is denoted by the red arrow.  (b) 
Additional masking of the sealant fillet was applied to two of the masked 





2.3. EVALUATION OF SEALANT PROPERTIES 
 2.3.1. Thermal Analysis.  Pure nylon-11 and CorvelTM White materials were 
evaluated for glass transition temperature and melting temperature using differential 
scanning calorimetry per ASTM D 3418 – 08 [99].  Pure nylon-11 was supplied by 
Sigma-Aldrich® in the form of 3 mm diameter beads.  Samples were cooled to 0 ºC prior 
to measurements and heated at 20 ºC/min to 210 ºC.  Samples were restricted to sizes less 
than 10 mg in order to reduce lag effects due to low thermal conductivity. 
 2.3.2. Tensile Testing.  Tensile testing of polymers was conducted to determine 
tensile properties of each sealant material for finite element analysis and for comparison.  
Five specimens of each material were made by casting the polymer in an aluminum mold 
7.5 cm (3 in) diameter by 15 cm (6 in) long with a 2.5 cm (1 in) diameter hole in a 
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furnace at 220 ºC for 1-2 hours.  After solidifying and cooling, polymer specimens were 
machined to round tensile bars of 6.4 mm (0.25 in) diameter gage section (see Figure 
2.6).  Tests were conducted per ASTM D 638 – 08 [100] at an elastic strain rate of 0.08 




Figure 2.6. Dimensions in mm of round tensile bar for tensile testing of 





 2.3.3. Stress Relaxation Testing.  Compression testing of polymers was 
conducted to determine stress-relaxation rates of each sealant material per ASTM E 328 – 
02 [101].  Two specimens of each material were cast in 2.5 cm (1 in) diameter by 2.5 – 5 
cm (1-2 in) long cylinders and were ground flat to 2.5 cm (1 in) length.  Specimens were 
compressed to –2.0 % strain at 1.4 MPa/s stress rate and held for 48 - 72 hours.  The 
stress required to maintain compression was recorded periodically while the strain was 
held constant. 
 2.3.4. Adhesive Bond Strength Testing.  Adhesive bond strength testing was 
performed to evaluate bond strength of each sealant with anodized aluminum in various 
conditions. Adhesive bonds were formed between round studs of 2.8 cm (1.1 in) diameter 
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(see Figure 2.7).  Round studs were thin film sulfuric acid anodized prior to forming 
adhesive bonds.  Adhesive bonds were formed in an assembly fixture.  Round studs were 
inserted in the assembly fixture and heated to 255 ºC with a clamp heater (see Figure 
2.8).  The sealant material was then added and the studs were pressed together with 5 lbs 
of compressive force within 10-20 s of removal of the heater.  The force was applied until 
the specimens were cooled.  Sealant materials used include pure nylon-11 and CorvelTM 
nylon-11.  Data was collected only from specimens with final adhesive thickness ranging 
from 0.1 to 0.2 mm (0.004 to 0.008 in) after solidification and cooling to reduce thickness 
effects and cohesive failure in the polymers.  Data from failures that were not 
predominantly adhesive in nature were discarded.  Specimens were pulled in tension at 
0.002 mm/s per ASTM D897 – 08 (see Figure 2.9) [102].  Testing was conducted at room 
temperature 24 ºC (for pure nylon-11 and CorvelTM nylon-11), at reduced temperatures   




Figure 2.7.  Dimensions in mm of round stud for adhesive bond testing.    
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 (a)      (b) 
Figure 2.8. Fixture for the assembly of adhesive bonds.  (a) Round studs 
were heated to 255 ºC in a clamp heater.  (b) In 20 s after reaching the 
temperature, the polymer was added and the round studs were pressed 





60 and 200 ºC (140 and 212 ºF).  Reduced and elevated temperature testing was 
conducted in an environmental chamber with CorvelTM nylon-11 only.  Extenders were 
used to grip specimens in the chamber (see Figure 2.9b).   
 2.3.5. Wettability Estimation.  Contact angles of sessile deionized water drops 
on thin film sulfuric acid anodized aluminum, CorvelTM nylon-11, and pure nylon-11 
were measured per ASTM D 7334 – 08 [103].  Surfaces were cleaned with acetone, 
rinsed with deionized water, and dried prior to measurements.  The contact angle θw is 
related to the surface tension of the solid γβ, the surface tension of the liquid γα, and the  
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(a)        (b)  
Figure 2.9. Adhesive bond strength testing practice.  Aligned hydraulic 
grips are used to secure round studs and are pulled at 0.002 mm/s.  (a) 
Room temperature testing configuration and (b) reduced and elevated 
temperature test configuration using environmental chamber and grip 
extenders.   
 
 
interfacial tension between the solid and liquid γαβ by [104]  







=wcos              (9) 
The interfacial tension can be predicted from the surface tension of the liquid and solid 
by the geometric mean equation (valid between a low- and a high-energy material) [73] 
  ))1)(1((2 βαβαβαβαβααβ γγγγγγγ xxxx +−−−+=             (10) 
where xα and xβ are the polarities of the liquid and solid respectively. 
 The polarity and surface tension of water are 0.70 (unitless) and 72.8 mJ/m2, 
respectively [73].  The polarity of the nylon-11 polymers is estimated at 0.344, which is 
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the measured polarity for nylon-6/6 [105].  Solving for eqs. 9 and 10 simultaneously for 
sessile water drop contact angle on each polymer estimates the room temperature surface 
tension of each polymer.  The surface tension of each polymer in the melt (at 225 ºC) can 
be predicted by observing surface tension trends for nylon-6/6 (melting point ~180 ºC).  
The average change in surface tension of nylon-6/6 between 20 ºC and 300 ºC is -0.06 
mJ/m2/ºC [105]. 
 An estimate of the anodized layer polarity is required to calculate the surface 
tension of the thin film sulfuric acid anodized aluminum.  Traini et al. report surface 
tension of anodized aluminum of 50.5 mJ/m2 and polarity of 0.14 by water drop contact 
angle [106].  The surface tension of the thin film sulfuric acid anodized aluminum can be 
estimated using the sessile water drop contact angle measurement and the estimated 
polarity of anodized aluminum, 0.14, in addition to the known values for water.  
Assuming the surface tension of the anodized aluminum is approximately constant 
between 20 and 200 ºC, the interfacial tension between each polymer melt and anodized 
aluminum can be predicted using the geometric mean equation (eq. 10). 
 
2.4. FINITE ELEMENT MODELING 
 2.4.1. Baseline Modeling Parameters.  Finite element analysis was conducted 
using Abaqus® software by Dassault Systèmes.  Static modeling was used to evaluate 
crack tip stress intensity factors as a function of geometry, material, and applied load of 
friction stir welded lap joint fatigue specimens.  The baseline model geometry and 
meshing used is shown in Figure 2.10.  The baseline model is two-dimensional, with 
symmetry about the central load-direction axis.  Clamping distance is held constant at 
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18.4 mm (0.725 in) away from the weld center (consistent with ear clamping in tensile 
and fatigue testing as shown in Figures 2.3 and 2.4).  The distance x between the faying 
surface notch and the symmetry line was initially set at 2.0 mm (based on typical weld 
dimensions).  Quadratic, reduced integration, plane strain quadrilateral elements were 
used throughout the bulk of the model.  Near the faying surface notch, the mesh 
converges to form wedge elements around the crack tip.  Elastic material properties were 
based on 2024 aluminum at 20 ºC: elastic modulus E = 72.4 GPa (10.5 Msi); Poisson’s 




 (a)      (b) 
Figure 2.10. (a) Two-dimensional, finite element model mesh with 




Faying Surface  









 2.4.2. Model Analysis Method.  A static 78.8 N/mm (450 lbs/in) load is applied 
to the model.  Baseline model stress distributions are shown in Figure 2.11.  Crack tip 
analysis at the faying surface notch was used to quantify mode I, II, and III stress 
intensity factors KI, KII, and KIII  and the energy release rate or J-integral.  The J-integral 
is integrated along a contour Γ that surrounds the crack tip 





−=                (11) 
where w is strain energy density, ds is a length increment along the contour, Ti represents 
components of the traction vector, ui represents components of the displacement vector, 
and x and y are Cartesian coordinates relative to the crack tip (see Figure 2.12a) [108].  
The strain energy density is defined as  






          (12) 
where σij and εij are the stress and strain tensors respectively.  The traction vector Ti is 
defined as 
               Ti = σij nj                (13) 
where nj is the component of the unit vector normal to ds corresponding with the stress 
tensor component. 
 The J-integral is calculated in Abaqus® software using discrete steps along a 
contour of elemental nodes (see Figure 2.12b).  The local crack Cartesian coordinates are 
specified in the model input.  Five unique successive contours were used to verify 
convergence of J-integral.  The J-integral is calculated in auxiliary components JI, JII, and 
JIII corresponding with pure mode I, II, and III related stresses.  Stress intensity factors K 
= [KI, KII, KIII] can be determined from these components for a linear elastic material by 
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    K = B • J = B • [ JI, JII, JIII]
T            (14) 
where B is defined for elastic, isotropic, homogeneous materials as  





























B                 (15) 
for plane stress condition and 





































B          (16) 
for plane strain condition where G is the shear modulus.  This is based on the established 
relationship between J and K [109-110]: 




T • B-1 • K          (17) 
For a two-dimensional model, KIII and JIII are zero.   
 Crack propagation direction θp is determined from stress intensity factors by 













=θ         (18) 
Several iterations of the model are performed adjusting the input crack propagation 
direction until it approximately matches the calculated θp from the model output.  The 





 (a)      (b) 
Figure 2.11.  (a) Stress distribution with 78.8 N/mm applied load (450 
lbs/in) at 5x deformation magnification.  (b) Highest stresses are located at 
the crack tip corresponding with fatigue crack initiation observations. 
 
 
    
 (a)      (b) 
Figure 2.12.  (a) J-integral contour around crack tip is path independent 






 2.4.3. Modeling Parameter Study.  Modeling parameters were investigated to 
evaluate the parametric dependency of the baseline model.  The following parameters 
were varied independently and the resulting stress intensity factors were compared with 
those of the baseline model: three-dimensional vs. two-dimensional model; elastic 
material properties; elastic-plastic material vs. elastic material.  Additionally, the effect of 
applied load was evaluated. 
 Three-dimensional models were 2.54 cm (1.0 in) and 3.81 cm (1.5 in) deep with 
symmetry at half-depth (see Figure 2.13).  Stress intensity factors along the depth of the 
crack model were compared with two-dimensional stress intensity factors.  Results of the 
baseline model (based on elastic properties of 2024) are compared with results of using 
elastic properties for 357: E = 71.7 GPa (10.4 Msi); ν = 0.33 [107].  Elastic-plastic 
material parameters used were based on properties for 2024-T6 at 24 ºC [107]: yield 
strength σy of 393 MPa (57 ksi); tensile strength σu of 476 MPa (69 ksi); elongation to 
fracture of 10 %.  Material stress-strain relationship is shown in Figure 2.14.  Only the J-
integral can be calculated with elastic-plastic material.  Therefore, the J-integrals at the 
crack tip were compared with the baseline elastic material model.  The effect of applied 
load for the baseline elastic model and for the elastic-plastic model are evaluated at 





Figure 2.13.  Three-dimensional model of 2.54 cm (1.0 in) depth.  
Symmetry planes are oriented vertically along weld direction and 
























Figure 2.14. Stress-strain behavior of elastic-plastic material for 






 2.4.4. Model Geometric Study.  The effect of a hook defect on stress intensity 
factors was investigated.  A partial hook and a full hook model were compared with the 
baseline model (see Figure 2.15).  Geometric parameters for each model were varied 
independently to assess their influence on stress intensity factors.  For each model the 
following parameters were varied when applicable: the half-weld width x (distance 
between faying surface notch and symmetry line); the hook intrusion angle θh; the 
vertical hook intrusion depth y; and the hook radius r. 
 
 
   
(a)     (b) 
Figure 2.15. Geometry for (a) partial and (b) full hook defect models for 
comparison with baseline model.  Geometric parameters were varied for 
(c) baseline, (d) partial and (e) full hook models. 
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             (c)    (d)        (e) 
Figure 2.15. (cont.) Geometry for (a) partial and (b) full hook defect 
models for comparison with baseline model.  Geometric parameters were 
varied for (c) baseline, (d) partial and (e) full hook models. 
 
 
 2.4.5. Sealant Analysis.  The effect of bonded sealant was investigated.  Sealant 
material elastic properties were estimated from tensile testing: E = 1.2 GPa (174 ksi); ν = 
0.3.  Sealant layer thicknesses t of 0.1 mm (0.004 in) and 0.2 mm (0.008 in) were 
modeled based on weld observations.  Sealant models include the baseline flat crack 
model and the full hook model with the sealant added (see Figure 2.16).  Crack tip stress 
intensity factors were measured for baseline crack tip dimensions with g = 0.5 mm and x 
= 2.0 mm and for hook model dimensions with gap size g = 0.5 mm, x = 2.0 mm, r = 0.1 
mm, and y = 0.5 mm.  An additional model was used to analyze the effects of partial 
sealant filling.  For this model, the sealant only filled the closest half of the faying surface 





(a)     (b)  
 
(c) 
Figure 2.16.  Geometry of crack tip for (a) flat and (b) hook models with 
complete fill sealant and (c) model for partial fill sealant.   
  
 
 2.4.6. Asymmetric Considerations.  An asymmetric model was used to 
investigate the effect of crack propagation on crack tip stress intensity factors and the 
effect of grip restriction (see Figure 2.17).  Due to asymmetry, the applied load has a 
tendency to bend the T-rail portion of the weld coupons.  Two load constraints were 
modeled: with restricted horizontal displacement of the top of the T-rail; with free 
Sealant Filled Halfway 
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horizontal displacement of the top of the T-rail.  The two constraint models are intended 
to represent the rigid upper grip of the preliminary fatigue test arrangement and the 
universal joint upper grip of the subsequent fatigue test arrangement.  For both cases, the 
applied load direction is maintained in the vertical axis (does not rotate with the T-rail).   
 The advancing side was modeled with a partial hook in which the distance 
between the crack tip and the centerline xa = 2.0 mm, the hook intrusion angle θh = 30º, 
and the hook intrusion depth y = 0.35 mm.  The retreating side was modeled with a flat 
interface with xr = 2.0 mm.  These dimensions are representative of observed welds.  
Crack tip stress intensity factors at the advancing and retreating side notches were 
determined and compared with stress intensity factors for the partial hook model and flat 




   (a)      (b) 
Figure 2.17.  (a) Asymmetric model with (b) exploded view of crack tips 
on retreating and advancing sides.  Top of T-rail is denoted by arrows in 
(a) and is either restricted (rigid upper grip) or free (universal upper grip) 




 The crack was advanced from the advancing side of the weld in the model.  This 
corresponds with fatigue crack propagation observations.  Crack growth at the advancing 
side was directed at 75º with the horizontal based on converged model results (eq. 18).  
The crack was advanced a total of 10 increments.  The last increment of crack 
propagation represents complete cracking through the top-skin (total crack length = 2.90 
mm).  The stress intensity factors were calculated at the retreating side notch and 
advancing side crack tip for all crack growth increments for both the rigid upper grip and 
universal joint upper grip.  The difference in predicted stress intensity factors with each 
















3. RESULTS  
 
3.1. SEALANT MATERIAL PROPERTIES 
  3.1.1. Thermal Analysis.  Differential scanning calorimetry results for pure 
nylon-11 and CorvelTM nylon-11 are shown in Figure 3.1.  Heat flow or energy input per 
sample mass (W/g) is shown relative to heat flow at the melting peak.  Results indicate 
the materials have similar melting temperatures of 190 ºC for CorvelTM nylon-11 and 193 
ºC for pure nylon-11.  Lower melting temperature suggests a reduced average molecular 
weight for CorvelTM nylon-11 compared with pure nylon-11.  Due to the large 
crystallization hysteresis peaks immediately above the glass transition, glass transition 
temperature Tg could not be determined by inflection point methods.  Instead, glass 
transition temperature was determined by evaluating the average of the temperature at 
first deviation from linearity after stabilization (Td) and the temperature of the 
intersection (Ti) of the extrapolated linear region above the glass transition (see Figure 
3.2).  For both materials, the glass transition temperature calculated by this method is 43 
ºC as compared to 46 ºC reported by the manufacturer (Sigma-Aldrich®) for pure nylon-






































Figure 3.1.  Differential scanning calorimetry results for pure nylon-11 



























Extrapolated from before 




Figure 3.2.  Method for calculating glass transition temperature.  Example 
using pure nylon-11. 
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 3.1.2. Adhesive Bond Strength Testing.  The room temperature adhesive bond 
strengths of each sealant material, pure nylon-11 and CorvelTM nylon-11, on a thin film 
sulfuric acid anodized aluminum surface are listed in Table 3.1.  Error is reported as ± 
one sample standard deviation.  
 
 
Table 3.1. Room Temperature Adhesive Bond Strength Results 
Sealant Material 
Average Polymer 
Layer Thickness (µm) 
Bond Strength (MPa) 
CorvelTM nylon-11 130 18.7 ± 1.5 
Pure nylon-11 140 17.9 ± 1.3 
 
 
 Failure mode for all room temperature bond strength test specimens was 
predominantly adhesive in nature, resulting in separation of the polymer from the 
anodization layer (see Figure 3.3).  0 – 20 % of the surface area of each failed bond 
appeared to fail cohesively.  Adhesive bond strength of CorvelTM nylon-11 on thin film 
sulfuric acid anodized aluminum at various temperatures is shown in Figure 3.4.  No 
significant delamination of the anodized layer was observed.   
 Adhesive bond strength results from testing in an environmental chamber appear 
to predict higher bond strength at room temperature than was observed from testing with 
hydraulic test fixture at room temperature.  This may be due to the difference in fixture 
alignment compliance, and the difference in effective strain rate in displacement rate 
controlled testing.  The environmental chamber testing was performed with more 







Figure 3.3.  Sample failed adhesive bond specimens with (a) pure nylon-
11 and (b) CorvelTM nylon-11 on thin film sulfuric acid anodized 
aluminum tested at room temperature. 
 
 
actuator displacement rate, the effective strain rate on the adhesive bond is likely lower 
for the environmental chamber testing than for the ambient testing. 
 There are two distinct transitions in bond strength related to the glass transition 
and melting of the polymer.  With each transition is a distinct change in the failure mode 
of the adhesive bond.  Failures in the middle ‘rubbery’ region, at temperatures between 
100 and 190 ºC, are more adhesive in nature than at colder temperatures in the ‘glassy’ 
region.  Failures above the melting temperature are mostly cohesive in nature, indicating 
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the polymer was liquid.  The melt transition occurs near the melting point (190 ºC) while 
the glass transition occurs at about 100 ºC, significantly higher than the glass transition 
temperature (42 ºC).  This may indicate that the glass transition is more sensitive to strain 
rate; the glass transition of bond strength is expected to approach the true glass transition 



























Figure 3.4.  Adhesive bond strength of CorvelTM nylon-11 on thin film 
sulfuric acid anodized aluminum at various temperatures.  Results are 
compared with that from ambient adhesive bond strength testing reported 
in Table 3.1.  Dashed lines indicate the glass transition and melting 
temperatures of the polymer.   
 
 
 3.1.3. Tensile Testing.  Tensile test curves from testing of pure nylon-11 and 
CorvelTM nylon-11 are shown in Figure 3.5.  Elastic properties of both materials are 
























Corvel     nylon-11TM
 
Figure 3.5.  Tensile curves of sealant materials.  Premature failure 
occurred as the result of severe porosity in the tensile bars.  
 
 
MPa.  The flexural modulus reported for nylon-11 in dry air and at 50 % relative 
humidity are 1.17 and 1.03 GPa respectively [79].  Failed specimens revealed severe 
porosity in the tensile bars due to polymer decomposition during the casting of the tensile 
bars.  The elongation to fracture was varied significantly for both materials and sensitive 
to the size of the largest void, in some cases more than half the size of the cross-section 
of the tensile bar.  Therefore, no conclusions regarding elongation to fracture or ultimate 
stress can be made. 
 3.1.4. Stress Relaxation Testing.  Stress relaxation curves for pure nylon-11 and 
CorvelTM nylon-11 are shown in Figure 3.6.  The natural logarithm of the ratio of 
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instantaneous modulus E(t) with initial modulus Eo is plotted against the natural 
logarithm of time at full, constant strain e, 







=           (19) 
where σ(t) is the applied stress at time t.  Both materials exhibit similar viscoelastic stress 
relaxation behavior typical of crystalline polymers.  The slope of log [E(t)/Eo] vs. t 
begins to change at a load time of about 1 s and stabilizes at load times of ~300 s for the 
CorvelTM nylon-11 and ~2000 s for the pure nylon-11.  The accelerated relaxation of the 
CorvelTM nylon-11 may be related to a reduced average chain length consistent with 
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Figure 3.6.  Stress relaxation curves of sealant materials. 
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 3.1.5. Surface Energy Estimation and Wettability Prediction.  Average sessile 
water drop contact angle θw measurements (± one standard deviation) on pure nylon-11, 
CorvelTM nylon-11, and thin film sulfuric acid anodized aluminum and calculated surface 
tensions γα of each material at 25 and 225 ºC are listed in Table 3.2.  Surface tension 
obtained for pure nylon-11 is similar to that reported by Hybart and White using a 
maximum bubble pressure method at 225 ºC: 22.6 mJ/m2 [112].  The predicted interfacial 
surface tension γαβ of pure nylon-11 and Corvel
TM nylon-11 on thin film sulfuric acid 
anodized aluminum at 25 and 225 ºC are listed in Table 3.3.  Also listed is the predicted 
cos θw at 225 ºC from eq. 9 in section 2.3.5.  The effect of raising the surface tension by 
adding high energy ceramic particles to a low energy polymer (as in CorvelTM nylon-11) 
is predictable and is reflected in the calculated surface tensions.   
 
 
Table 3.2. Measured Water Contact Angle and Calculated Surface Energies 
γα (mJ/m
2) 
Material θw (º) 
γαβ  (mJ/m
2) with 
water at 25 ºC 25 ºC 225 ºC 
Anodized Aluminum 53.3 ± 2.1 25.4 69.0 69.0 
Pure nylon-11 72.0 ± 1.3 13.2 35.7 22.7 
CorvelTM nylon-11 59.9 ± 1.8 10.5 47.0 34.0 
 
 
Table 3.3. Predicted Interfacial Surface Energy and Wettability on Anodized 
Aluminum 
γαβ (mJ/m
2) with anodized aluminum 
Material 
25 ºC 225 ºC 
cos θw (225 ºC)  
Pure nylon-11 8.4 14.9 2.38 
CorvelTM nylon-11 5.5 9.0 1.77 
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 Calculations predict perfect wetting for both polymer samples on the anodized 
aluminum.  However, better wetting (higher cos θw) is predicted for pure nylon-11 than 
for CorvelTM nylon-11.  Perfect wetting is not observed in practice, probably because of 
the limitations of achieving equilibrium conditions in short times with a highly viscous 
liquid and the difficulty of a viscous liquid in wetting a rough surface.  Long time frame 
experiments above the melting temperature would result in significant polymer 
decomposition.  Dynamic wetting considerations need to account for liquid viscosity (see 
eq. 6 in section 1.5).  The ceramic particles added in CorvelTM nylon-11 probably 
increase the viscosity per eq. 8 in section 1.5, thus further reducing the dynamic wetting 
on an anodized surface.  However, the effect of reduced dynamic wetting is likely 
negligible because the adhesive bond strength of pure nylon-11 and CorvelTM nylon-11 
on anodized aluminum are equivalent. 
 
3.2. MICROSTRUCTURES AND PROPERTIES OF LAP JOINTS 
 3.2.1. Microstructures of Lap Joints.  Microstructures of the welds with prior 
thin film sulfuric acid anodization are shown in Figures 3.7 (without sealant), 3.8 (with 
DAPCOTM rubber sealant) and 3.9 (with CorvelTM nylon-11 sealant).  Images are oriented 
such that the top-skin is above the T-rail.  The faying surfaces are in contact adjacent to 
the weld. In sealed welds, the sealant was displaced away from the weld nugget during 
welding.  No evidence of sealant incorporation into the weld was observed for any of the 
sealed welds.  Sample microstructures of baseline welds to which preliminary fatigue 
testing results are compared are shown in Figure 1.9.  Dimensions of weld features are 
listed in Table 3.4.  Included are the anodized layer thickness, size of the faying surface 
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gap, weld width (distance between faying surface notches), and advancing side hook 
defect intrusion depth and angle.  Grain diameter in the weld nugget for welds with nylon 
sealant ranged from 4 - 12 µm; that of all other welds ranged from 2 – 5 µm in diameter. 
 
 
Table 3.4. Dimensions of Weld Cross-Sections 


















Bare None < 2* - - - - 
Bare Nylon < 2* - - - - 
Standard None 14 ± 2 120 ± 20 3.6 100 30 
Standard Nylon 14 ± 5 140 ± 20 - - - 
Thin Film None 12 ± 4 90 ± 30 3.6 100 30 
Thin Film Nylon 8 ± 2 190 ± 40 4.2 200 45 
Thin Film Rubber 10 ± 4 220 ± 20 3.6 50 20 




 Welds with standard sulfuric acid anodization bear about 50 – 100 % thicker 
anodized layers than those with thin film sulfuric acid anodization.  Even welds without 
sealant exhibited a faying surface gap that is probably the result of residual stress since 
parts were clamped during welding.  The weld width is dependent on the welding 
parameters only.  Welding was performed at 900 rpm and 4.2 mm/s (10 in/min) for welds 
without sealant or with rubber sealant and resulted in 3.6 mm (0.14 in) weld width.  
Welding at 1100 rpm and 3.6 mm/s (8.5 in/min) for nylon sealed welds resulted in 4.2 
mm (0.17 in) weld width.  The severity of the hook defect is also dependent on the 
welding parameters.  The advancing side hook defect is deeper and intrudes at a steeper 
 69 
angle for nylon sealed welds than other welds.  Nylon sealed welds also have an upward 
hook defect at the retreating side notch (see Figure 3.9c) as opposed to the slight 
downward hook defect in welds without sealant (see Figure 3.7c).  The rubber sealant 
appears to influence the hook defect as well.  The rubber sealant reduces the severity of 
both the upward hook defect at the advancing side notch and the downward hook defect 






   
(b)       (c) 
Figure 3.7.  (a) Weld without sealant with prior thin film sulfuric acid 
anodization. (b) shows the advancing side notch and (c) shows the 




   
(b)      (c) 
Figure 3.8.  (a) Weld with DAPCOTM rubber sealant with prior thin film 
sulfuric acid anodization. (b) shows the advancing side notch and (c) 





 3.2.2. Tensile Testing of Lap Joints.  Average maximum tensile loads measured 
during tensile testing are listed in Table 3.5.  Error is reported as ± one sample standard 
deviation.  Welds without sealant, welds with DAPCOTM rubber sealant, and CorvelTM 







  (b)      (c) 
Figure 3.9.  (a) Weld with CorvelTM nylon-11 sealant with prior thin film 
sulfuric acid anodization. (b) shows the advancing side notch and (c) 
shows the retreating side notch. 
 
 
(10 in/min).  Nylon sealed welds with prior anodization were welded at 1100 rpm and 3.6 
mm/s (8.5 in/min).  Sample tensile curves are shown in Figure 3.10 for welds with thin 




Table 3.5. Tensile Weld Strength (N/mm of weld)  
Prior Anodization No Sealant CorvelTM nylon-11 DAPCOTM rubber 
Bare 294 ± 5* 294 ± 14 - 
Standard 252 ± 7* 228 ± 14 266 ± 4 
Thin Film 292 ± 7 273 ± 19 291 ± 19 




























Figure 3.10.  Representative sample tensile curves of welds with prior thin 
film sulfuric acid anodization.  Nylon sealed welds were repaired. 
 
 
 The first two sudden load drops of the nylon sealed welds are associated with 
sealant bond failures on each side of the weld.  Nylon sealed welds (thin film sulfuric 
acid anodized) were repaired by heat treating for 10 min at 200 ºC.  The two specimens 
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tested without the repair did not exhibit good sealant bonding and the sealant failure 
occurred entirely at the interface between the sealant and the top-skin.  These welds 
exhibited stiffness commensurate with welds where no sealant was applied.  The sealant 
bonds were weaker and probably failed during specimen preparation.  It was noted that 
the sealant could be manually peeled off the surface of the T-rail of the tested specimens. 
 For welds with nylon sealant repaired, the running loads at the failure of the first 
nylon sealant bond for each welding condition are listed in Table 3.6. The first nylon 
sealant bond to fail occurred at the sealed faying surface gap on the retreating side of the 
weld in 88 % of the specimens tested.  The specimens were oriented such that half of the 
specimens were tested with the advancing side under one ear clamp and half were tested 
with the advancing side under the other ear clamp to examine effects of fixture 
misalignment.  58 % of the specimens failed with the advancing side under one ear clamp 
and 42 % failed with the advancing side under the other ear clamp.  Thus, no correlation 
was observed with respect to the clamping fixture. 
 Sealant failure was mostly adhesive in nature (see Figure 3.11).  In the welds with 
prior anodization, some delamination of the anodized layer was also observed.  The 
extent of the delamination was more severe with standard sulfuric acid anodization than 
with thin film sulfuric acid anodization.  This is likely attributed to the thicker 






Figure 3.11.  T-rail of failed sealed welds with (a) no prior anodization 
and with (b) prior standard sulfuric acid anodization.  (b) shows evidence 
of anodized layer delamination from the top-skin. 
 
 
Table 3.6. Load at First Nylon Sealant Failure 
Prior Anodization Bare Standard Thin Film (repaired) 
Failure Load (N/mm of weld) 249 ± 33 97 ± 41 134 ± 63 
 
 
 3.2.3. Preliminary Fatigue Testing.  Results of preliminary fatigue testing (78 
N/mm of weld; steel fixture) with nylon sealed welds with standard sulfuric acid 
anodization are compared with results reported by Van Aken et al. in Figure 3.12 [3].  A 
two-parameter Weibull statistical analysis was used and is described as follows.  
Specimens were arranged in ascending order of number of cycles to failure Ni and 
(a) (b) 
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assigned a median rank i ranging from 1 – N where N is the sample size.  Probability 
density Pf was determined for each specimen by 









NP if           (20) 
Pf is related to Ni by the Weibull modulus m and scale parameter θ   













exp1)(          (21) 
m and θ were obtained by linear regression analysis to fit the data to  














        (22) 
The Weibull parameters were then used to calculate predicted fatigue life for 1, 10, 50, 



















Figure 3.12.  Weibull graph showing results of preliminary fatigue testing 
for welds with nylon sealant and prior standard anodization.  Results are 
compared with welds without sealant reported by Van Aken et al. [3]. 
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Table 3.7. Number of Cycles for % of Sample to Fail 
% Failed Bare Anodized 
Anodized with 
Nylon Sealant 
1 % 36,400 22,100 32,100 
10 % 64,100 52,000 88,400 
50 % 101,000 103,000 199,000 
90 % 134,000 160,000 334,000 
    
Weibull Parameters 
m 4.16 2.75 2.32 
θ 110,000 118,000 233,000 
 
 
 Visual observation of fatigue crack propagation revealed that the fatigue cracking 
began at the hook defect on the advancing side of the weld for all specimens without 
sealant (see Figure 3.13).  The cracks would then propagate into the top-skin through the 
weld.  At about 80 % of the way through the top-skin, the cracks would slow down and 
eventually crack initiation at the retreating side notch would begin.  This is verified by 
the rapid increase and subsequent leveling of the loop displacement data before 
increasing again (see Figure 3.14).  For welds with prior anodization, the crack emanating 
from the retreating side always propagated horizontally through the weld along the oxide 
seam defect.  For welds in the bare aluminum condition, the crack would either propagate 
through the top-skin, across the weld, or two cracks fronts would propagate, one along 







Figure 3.13.  Schematic representing typical crack propagation.  Cracking 
occurs at the advancing side notch first.  In welds with prior anodization, 




 It was noted that more than 50 % of the nylon sealed weld coupons tested had a 
failure of the sealant bond on either the retreating or advancing side within 1,000 fatigue 
cycles.  The loop displacement prior to sealant failure is significantly less than in welds 
without sealant and loop displacement remains constant until the sudden failure of the 
sealant (see Figure 3.14).  Therefore, the sealant bond seems to stiffen the lap joints and 
prevent fatigue cracking until the bond fails.  No fatigue cracking prior to sealant bond 
failure was observed either visually or by observation of the loop displacement data.  
Sealant failure in ambient (lab air) fatigue tests is similar in appearance to that in tensile 
loading.  Failure is characterized as predominantly adhesive between the anodized 
aluminum and nylon.  The majority of adhesive failure occurred at the top-skin interface, 


























































Figure 3.14.  (a) Cyclic loop before and after fatigue cracking from which 
loop displacement is obtained. (b) Representative example loop 
displacement data for welds with prior standard sulfuric acid anodization 









 3.2.4. Fixture Comparison Study.  Average fatigue lives for DAPCOTM rubber 
sealed weld specimens tested using either the steel or aluminum fixture, with either the 
rigid upper grip or the universal upper grip are listed in Table 3.8.  Included are the 
average initiation life and propagation life determined by analyzing the loop 
displacement data (see Figure 3.15).  Error is reported as ± one sample standard 
deviation.  Preliminary testing was conducted with the steel fixture and rigid upper grip.  
Subsequent fatigue testing was conducted with the aluminum fixture and universal upper 
grip.  Representative loop displacement curves for each fixture and grip condition are 
shown in Figure 3.16.  All weld specimens initiated fatigue at the advancing side notch 
first and fatigue cracking progressed to about 80 % through the top-skin whereupon 
fatigue cracking at the retreating side notch advanced horizontally through the weld and 
failed the specimen.  This was observed visually during testing and is consistent with 
observations in preliminary testing.  Complete cracking through the top-skin from the 
advancing side notch was not observed in any of the specimens tested.  Retreating side 
fatigue cracking occurred more simultaneously with advancing side fatigue cracking in 
welds tested with the rigid grip, regardless of the fixture.  This implies more accelerated 
fatigue cracking and higher stresses at the retreating side notch with the rigid grip than 
with the universal grip. Independent of fatigue fixture, testing with the rigid grip exhibits 
a slight reduction in total fatigue life.  Independent of upper grip, testing with the 





Table 3.8. Fatigue Life Data for Various Fixture Conditions 
Fixture Upper Grip Initiation Life Propagation Life Total Fatigue Life 
Steel Rigid 26,300 ± 1,700 4,300 ± 2,000 30,500 ± 800 
Steel Universal 30,800 ± 400 18,900 ± 4,700 49,600 ± 6,900 
Aluminum Rigid 14,100 ± 200 1,300 ± 100 15,400 ± 300 

























Figure 3.15.  Example showing method for determining fatigue initiation 






 3.2.5. Thin Film Sulfuric Acid Anodized Fatigue Testing.   Figure 3.17 shows 
the ambient fatigue life analyzed using Weibull statistics of welds with CorvelTM nylon-
11 sealant, DAPCOTM rubber sealant and without sealant using thin film sulfuric acid 
anodization of the aluminum pieces.  The cyclic life for 1, 10, 50 and 90 % of the sample 
































Figure 3.16.  Representative loop displacement curves for rigid and 





















   
Figure 3.17.  Weibull graph showing results of fatigue testing for welds 
with prior thin film sulfuric acid anodization without sealant and sealed 





 Fatigue crack initiation and propagation in thin film anodized welds without 
sealant or with rubber sealant were similar to those of welds with standard sulfuric acid 
anodization.  However, for welds without sealant, the advancing side crack always 
fractured entirely through the top-skin prior to failure across the weld by the retreating 
side crack front.  This was observed visually during the tests and resulted in a large 
sudden jump in the loop displacement and subsequent rapid crack growth at the retreating 
side crack front as shown in Figure 3.18.  Cohesive failure of the rubber sealant was 
visually observed at the onset of fatigue loading.  Representative loop displacement 
curves for weld coupons with each type of sealant are shown in Figure 3.19.  Total 
fatigue life was comparable between welds without sealant and welds with rubber 
sealant.  The initiation life was higher for welds with rubber sealant, occupying 73 - 88 % 
of the total fatigue life (41,400 – 79,300 cycles) while that for welds without sealant was 
only 36 - 46 % of the total fatigue life (29,900 – 41,000 cycles). 
 
 
Table 3.9. Number of Cycles for % of Sample to Fail 





1 % 50,500 31,500 13,000 
10 % 65,000 51,300 51,700 
50 % 79,500 75,900 156,500 
90 % 90,500 97,400 317,100 
    
Weibull Parameters 
m 9.32 4.82 1.70 


























Figure 3.18.  Loop displacement data of thin sulfuric acid anodized weld 
coupon without sealant showing advancing side crack growth, retardation, 
and final fracture through the top-skin. 
 
 
 Nylon sealed welds exhibited a significantly higher fatigue life than welds with 
rubber sealant or without sealant, similar to preliminary test results reported in section 
3.2.3.  Three of the eight specimens tested with nylon sealant did not fail within 
1,000,000 cycles, the tests were terminated, and the specimens were not included in 
Weibull analysis.  In nylon sealed weld coupons, no crack growth was observed until one 
of the sealant bonds failed.  Failure of one of the sealant bonds occurred within 2,000 
cycles for 37.5 % (three) of the weld coupons tested (see Table 3.10).  These weld 
coupons occupied Weibull ranks i = 1, 2, and 3 and had statistically lower fatigue life 
than specimens with delayed sealant bond failure.  Of these three weld coupons, the only 
advancing side 
crack growth 
advancing side crack: 




one in which the first sealant failure occurred on the advancing side occupied rank i = 1 
































Figure 3.19.  Loop displacement data of thin sulfuric acid anodized weld 
coupons without sealant, with rubber sealant, and with nylon sealant.  In 




 The number of fatigue cycles to initiate fatigue after sealant bond failure is 
dependent on the location of the initial sealant bond failure (see Table 3.7).  For welds 
with sealant failure occurring on the advancing side first, fatigue initiation occurred in 
about 15,000 additional cycles compared with 67,000 – 92,000 cycles for welds with 
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sealant failure occurring on the retreating side first.  This is consistent with the tendency 
for fatigue cracking to initiate at the advancing side notch before the retreating side notch 
and suggests a greater susceptibility to fatigue cracking at the advancing side notch. 
 The fatigue fracture of the crack emanating from the advancing side notch of a 
specimen without sealant is shown in Figure 3.20.  Two locations are shown 
corresponding with a crack length of 0.9 mm and 2.2 mm, 30 and 70 % of total crack 
length, respectively.  Fatigue striations are observed at 2.2 mm crack length.  Striation 
separation distance (da/dN) is about 200 nm.  For 2024 at R = 0.1 in ambient conditions, 
da/dN = 200 nm/cycle occurs at Kmax = 10.2 MPa√m (see Figure 1.7) [30].  At 0.9 mm, 
striations are too small to resolve with the scanning electron microscope and parameters 
used.  Striations smaller than the microscope resolution (~20 nm) would occur at Kmax < 
7.2 MPa√m.   
 
 
Table 3.10. Nylon Sealed Welds - Fatigue Initiation 
First Sealant Bond Failure Fatigue Initiation 
Weibull 
Rank Weld Side 
No. of fatigue 
cycles 
Weld Side 
No. of total 
fatigue cycles 
No. of cycles 
after sealant 
failure 
1 Advancing 1,200 Advancing 17,000 15,800 
2 Retreating 1,600 Retreating 68,500 66,900 
3 Retreating 200 Retreating 84,000 83,800 
4 Advancing 137,700 Advancing 152,000 14,300 









Figure 3.20.  Ambient fatigue fracture surface of advancing side crack at 
(a) 0.9 mm and (b) 2.2 mm crack lengths.  (c) boxed region in (b) at higher 




Figure 3.20. (cont.) Ambient fatigue fracture surface of advancing side 
crack at (a) 0.9 mm and (b) 2.2 mm crack lengths.  (c) boxed region in (b) 




 3.2.6. Corrosion Fatigue Testing.  Testing results from fatigue loading in a 
neutral 3.5 % NaCl solution are shown in Figure 3.21.  Unmasked specimens are 
indicated by arrows and no consistent effect due to masking is observed.  The cyclic life 
for 1, 10, 50, and 90 % sample population failures predicted by Weibull statistics for each 
sealant condition are listed in Table 3.11. 
 DAPCOTM rubber sealed welds exhibited a significant loss in fatigue life due to 
immersion in 3.5 % NaCl solution.  However, corrosion fatigue life for rubber sealed 
welds is higher than for those without sealant.  Nylon sealed welds exhibited the shortest 


































   
(b) 
Figure 3.21.  Weibull graphs showing (a) results of corrosion fatigue 
testing for welds with prior thin film sulfuric acid anodization without 
sealant and sealed with DAPCOTM rubber or CorvelTM nylon-11 (b) 
compared with results of ambient fatigue testing.  Unmasked specimens 
are indicated by arrows in (a). 
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Table 3.11. Number of Cycles for % of Sample to Fail 





1 % 12,100 15,800 8,500 
10 % 20,100 25,200 14,400 
50 % 30,100 36,600 22,200 
90 % 39,000 46,400 29,200 
    
Weibull Parameters 
m 4.65 5.05 4.39 
θ 32,600 39,400 24,100 
 
 
 For specimens with nylon sealant and with standard masking (see Figure 2.5a) or 
no masking, the first sealant failure occurred within 10 cycles of specimen immersion.  
The second sealant failure followed within 500 cycles.  Total fatigue life for nylon sealed 
welds is significantly less than those without sealant or with rubber sealant.  This may be 
related to the more severe hook defect of welds with nylon sealant (see Table 3.4). 
 Two specimens with nylon sealant were given additional masking to protect the 
sealant (see Figure 2.5b).  The first sealant failure occurred at 1,200 cycles for one 
specimen and 15,900 cycles for the other.  For the first specimen, water penetration 
through the mask was observed after the first sealant failure and total fatigue life was 
34,800 cycles (comparable to nylon sealed welds with standard masking or no masking in 
corrosion fatigue).  The solution may have penetrated the mask prior to sealant failure.  
For the specimen with delayed sealant failure, fatigue failure occurred at 133,700 cycles 
(comparable to nylon sealed welds in ambient air fatigue).  Therefore, if the faying 
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surface notches are sealed and masked such that only anodized surfaces are exposed, 
corrosion fatigue is mitigated. 
 The corrosion fatigue fracture surface of a weld coupon without sealant is shown 
in Figure 3.22 at 0.9 mm and 2.2 mm crack lengths, similar to locations of ambient 
fatigue fracture surface images shown in Figure 3.20.  At 2.2 mm, fatigue striations are 
separated by about 330 nm (compared with 200 nm for ambient fatigue striations at the 
same crack length, see section 3.2.5).  Fatigue transitions across grains are more angular 





Figure 3.22. Corrosion fatigue fracture surface of advancing side crack at 
(a) 0.9 mm and (b) 2.2 mm crack lengths.  Fatigue striation separation of 




Figure 3.22. (cont.) Corrosion fatigue fracture surface of advancing side 
crack at (a) 0.9 mm and (b) 2.2 mm crack lengths.  Fatigue striation 




3.3. FINITE ELEMENT MODELING RESULTS 
 3.3.1. Baseline Model.  Finite element modeling crack tip results for the baseline, 
elastic, two-dimensional model are listed in Table 3.12.  The baseline model is described 
in section 2.4.1 (see Figure 2.10).  KII is small and KI is maximized because of the 
orientation of the axes with respect to the crack propagation direction θp.  The faying 









J (J/m2) θp (º) 
4.330 0.016 259.2 40 
 
 
 The results of varying material parameters are listed in Table 3.13.  The effect of 
varying elastic properties is negligible.  Therefore, so long as the weld retains elastic 
properties similar to those of the materials being joined, the use of 2024 elastic properties 
will yield an accurate representation of the lap joint.  There is no effect of introducing 
plasticity to the material on the square root of the predicted J-integral until a load of 30 
N/mm (170 lbs/in) is reached (see Figure 3.23).  Above 30 N/mm (J = 36 J/m2), the 
plastic model predicts √J between 4 and 7 % higher than that predicted by the elastic 
model.  Because the √J is directly related to KI (see eq. 17 in section 2.4.2), models using 




Table 3.13. Material Parameter Effects on Crack Tip Analysis 
Material Material Type KI (MPa√m) J (J/m
2) 
2024 Elastic 4.330 259.2 
2024-T6 Elastic - Plastic - 298.1 





















Figure 3.23.  Square root of J at the crack tip versus applied load per 
length of weld comparing an elastic-plastic model and an elastic model. 
 
 
 3.3.2. Three Dimensional Model.  Crack tip analysis results of three dimensional 
models of 25.4 mm and 38.1 mm weld coupons are shown in Figure 3.24.  KI levels off to 
about 4.8 MPa√m and KIII tapers to zero for both sizes of weld coupon at the center of the 
coupon.  This suggests a plane strain condition at the center of the weld coupon.  
Maximum KI is predicted at 2.5 mm from the center of the 25.4 mm weld coupon and 5.0 
mm from the center of the 38.1 mm weld coupon.  The maximum KI for the 25.4 mm and 
38.1 mm weld coupons are equivalent at 4.96 and 4.93 MPa√m, respectively. However, 
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Figure 3.24.  (a) mode I and (b) mode III stress intensity factors versus 
location along weld coupon. 
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 3.3.3. Model Geometry Effects.  Effects of varying the width of weld joint 
(measured as 2x) on the flat notch model (baseline) are shown in Figure 3.25.  Maximum 
KI occurs at a weld width of 6 mm, but the actual weld width typically observed is 
between 3.6 and 4.2 mm (see Table 3.4).   
 The effect of the hook angle (θh) in the partial hook notch model at constant hook 
intrusion depth y = 0.5 mm is shown in Figure 3.26a.  KI increases with θh below 75º.  
The crack propagation direction (θp) results are listed in Table 3.14 and show a trend of 
crack rotation towards 75º.  The effect of varying hook intrusion depth for a partial hook 
model with θh = 30º and for a full hook model (θh = 90º) is shown in Figure 3.26b.  
Increasing hook intrusion depth also increases KI and seems to continue to increase 
beyond an intrusion depth of 1.0 mm (roughly halfway through the top-skin).  Hook 
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Figure 3.25.  KI at various weld joint sizes for flat faying surface model.  
Typical weld joint sizes of actual welds are 3.6 – 4.2 mm.  Red point 
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Figure 3.26. KI for partial hook model at (a) various θh and constant y = 
0.5 mm and (b) various y with constant θh = 30º (partial hook) and 90º 




Table 3.14.  Partial Hook Model Results at Various Hook Angles 
Hook Intrusion 
Angle, θh (º) 
KI (MPa√m) 
Crack Propagation 
Direction, θp (º) 
0 4.330 40 
15 5.779 35 
30 6.830 48 
45 7.537 62 
60 7.867 72 
75 7.910 75 
90 7.869 76 
 
 
 3.3.4. Sealant Effects.  The effect of a sealant in the faying surface gaps was 
evaluated based on nylon-11 elastic properties obtained from tensile testing (section 
3.1.3).  Results were obtained with sealant layer thickness (t) varied between 0.1 and 0.2 
mm, reflecting observations of actual lap joints.  These results are compared with results 
from full hook models (θh = 90º) of y = 0.5 mm with and without sealant in Table 3.15.  
Also shown is the effect of a partially filled sealant gap with t = 0.1 mm and no hook 
defect.  Regardless of sealant thickness and fill, KI at the faying surface notch is reduced 
by about > 90 %. 
 The stress distribution at the location of maximum stress in the sealant for the 
completely filled sealant model is shown in Figure 3.27.  For t = 0.1 and 0.2 mm, σmax = 
28.5 and 26.0 MPa, respectively.  It should be noted that the majority of the sealant in the 
model is below Sel (25 MPa) determined from tensile testing (section 3.1.3).  Therefore, 
an elastic model for the sealant is valid. 
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 The stress distribution in the sealant for the partially filled sealant model is shown 
in Figure 3.28.  The maximum stress in the sealant is 74.1 MPa and the stress throughout 
the bulk of the sealant is 20 – 50 MPa.  Therefore, if the sealant only partially fills the 
faying surface gap, the sealant bond may fail at lower applied loads during testing of the 






 (b)     (c) 
Figure 3.27. Von Mises stress distribution in (a) completely filled sealant 
model at the location of maximum stress in the sealant (indicated by 








Table 3.15. Crack Tip Analysis Results for Models with Sealant 
Sealant Fill y* (mm) t* (mm) KI (MPa√m) J (J/m
2) θp (º) 
None 0 0 4.330 259.2 40 
Full 0 0.1 0.220 0.596 48 
Full 0 0.2 0.343 1.440 48 
Partial 0 0.1 0.171 0.359 60 
None 0.5 0 7.869 855.2 76 
Full 0.5 0.1 0.185 0.423 57 
Full 0.5 0.2 0.388 1.856 63 




(a)              (b) 
Figure 3.28. Von Mises stress distribution in (a) partially filled sealant 
model (b) at the location of maximum stress in the sealant (indicated by 
arrow in (a)) for t = 0.1 mm. 
 
 
 3.3.5. Effects of Asymmetry and Grip Conditions.  The asymmetric model is 
composed of a partial hook defect on one notch representing the advancing side of the 
weld and a flat interface notch representing the retreating side of the weld.  Crack 
t 
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propagation was modeled from the advancing side notch at 75º based on crack rotation 
tendencies determined in section 3.3.3 (see Table 3.14).  KI as a function of crack length 
for both advancing side and retreating side notches with boundary conditions 
representing rigid and universal upper grips are shown in Figure 3.29. 
 The difference in KI for each grip condition at zero crack length is negligible.  
Thus, crack initiation life is not expected to be affected by grip condition.  KI increases 
more rapidly with crack length at the advancing side crack tip for the universal grip 
condition than the rigid grip condition and remains higher throughout crack propagation.  
At the retreating side notch, KI only increases with crack length for the rigid grip 
condition until the advancing side crack has propagated nearly entirely through the top-
skin.  KI at the retreating side notch increases dramatically after complete cracking 
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Figure 3.29. KI at (a) advancing side and (b) retreating side notches for 
rigid and universal grip conditions as a function of advancing side crack 




4.  DISCUSSION 
 
4.1. TENSILE WELD STRENGTH 
 The weld strength shows a strong dependence on type of prior anodization (see 
Table 3.5).  Weld strength and weld dimensions are comparable for bare welds and welds 
with prior thin film sulfuric acid anodization without sealant or with DAPCOTM rubber 
sealant.  Welds with prior standard sulfuric acid anodization possessed a thicker 
anodization layer (see Table 3.4).  It is thought that the excess oxide debris field in the 
welds with standard sulfuric acid anodization may have reduced the weld nugget 
strength. 
 Welds with CorvelTM nylon sealant and prior anodization exhibited reduced 
strength compared with welds with other sealants (see Table 3.5).  Nylon sealed welds 
with prior anodization were welded at 1100 rpm and 3.6 mm/s (8.5 in/min) whereas all 
other welds and nylon sealed welds without prior anodization were welded at 900 rpm 
and 4.2 mm/s (10 in/min).  Per eq. 1, the higher rotation speed and slower traverse rate 
should increase the heat input and produce a hotter weld.  This may have resulted in a 
higher extent of overaging in the heat affected zones and a reduction in total weld 
strength.  Additionally, the more extensive hook defect (hook intrusion depth y = 0.2 vs. 
0.05 mm; hook intrusion angle θh = 45 vs. 30º) and wider weld width (2x = 4.2 vs. 3.6 
mm) of nylon sealed welds with the higher heat input may have contributed to stable 
crack propagation at lower applied loads.  Finite element modeling results predict an 
increase in stress intensity factor with increasing 2x (Figure 3.25), increasing θh (Figure 
3.26a), and increasing y (Figure 3.26b) in the ranges observed in these welds. 
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4.2. LAP JOINT SEALANT STRENGTH 
 Welds sealed with DAPCOTM rubber exhibited cohesive sealant failure at the 
onset of fatigue loading.  No strength or stiffness contribution was observed during 
tensile testing of welds with rubber sealant.  The rubber sealant is expected to possess a 
low elastic modulus consistent with elastomers.  Therefore, the strain in the sealant is 
expected to be predictable by the opening of the faying surface gap in weld coupons 
without sealants. Finite element modeling of a weld without sealant predicts the widest 
gap opening of 94 µm under an applied load of 78.8 N/mm.  The unloaded gap size in 
rubber sealed welds is 220 ± 20 µm.  Therefore, a displacement of 94 µm would yield 39 
– 47 % strain in the sealant.  An elastomer sealant likely requires greater than 50 % 
elongation to failure to ensure that it does not fail cohesively upon fatigue loading. 
 The relatively stiff nylon-11 sealant contributes substantially to the weld stiffness 
(see Figure 3.10).  The strength of the nylon sealant bond is dependent on the prior 
material surface treatment.  The bond strength is reduced on an anodized surface 
compared with bare aluminum.  This may be the result of a combination of reduced 
dynamic wetting due to the porous nature of an anodized surface and premature bond 
failure by delamination of the anodized layer as shown in Figure 3.11.  Delamination of 
the anodized layer always occurred on the wrought top-skin probably because the 
machined surface of the cast T-rail was rougher and therefore likely provided better 
mechanical adhesion. 
 The nylon sealed welds with bare aluminum and with prior standard sulfuric acid 
anodization (compared with those studied by Van Aken et al. [3]) were welded with 
thinner prior sealant thickness (100-130 µm) than nylon sealed welds with thin film 
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sulfuric acid anodization (150-200 µm).  It is thought that the thicker sealant required 
more heat to melt and press out of the faying surface gap.  Therefore, the melted sealant 
in the welds with thin film sulfuric acid anodization probably did not reach as high a 
temperature and did not wet the anodized surfaces as well resulting in reduced bond 
strength.  During water-cooled sectioning, handling, and fixturing of specimens, the weak 
bonds probably failed and no bond strength was detected during tensile loading.  After a 
10 min heat treatment at 200 ºC, the bonds were repaired and exhibited comparable 
strength to other nylon sealed welds (see Table 3.6).  This step may not be necessary if 
the sealant thickness is maintained between 100 and 150 µm with proper control of 
welding parameters.  Thicknesses below 100 µm may not adequately fill the faying 
surface gap since welds without sealant exhibited gaps between 60 and 140 µm wide.  
Finite element modeling predicts significantly higher stresses in the sealant for partially 
filled faying surface gaps (see Figure 3.28) so bond strength may also suffer if the faying 
surface gap is incompletely filled. 
 Successful nylon sealant bonding with bare aluminum was achieved at reduced 
welding heat index at 900 rpm and 4.2 mm/s (10 in/min) traverse rate.  Standard anodized 
welds did not exhibit successful as-welded bonding until parameters were adjusted to 
1100 rpm and 3.6 mm/s (8.5 in/min).  This may reflect a higher heat input required for 
the nylon to wet and adhere the porous anodized surface as opposed to the bare aluminum 
surface.  Wetting a rough surface requires additional time and pressure, especially with a 




 4.3. FATIGUE RESULTS WITHOUT SEALANTS 
 Ambient fatigue results comparing welds with bare aluminum and prior standard 
anodization reveal a slightly reduced fatigue life at 1 % sample population failure for 
prior anodized welds (see Table 3.7).  This is consistent with the reduced strength of the 
anodized welds and likely results in accelerated crack propagation across the weld nugget 
through the oxide debris field adjacent to the retreating side faying surface notch (see 
Figures 1.9c, 3.7c).  However, at greater than 10 % sample population failure, ambient 
fatigue life is comparable between bare and anodized welds.  The tendency for the fatigue 
cracks to propagate through the top-skin is corroborated by the crack propagation 
direction ranging between 35º and 76º predicted by finite element modeling for models 
representative of flat and hook faying surface notches (see Table 3.14).  In the standard 
and thin film anodized welds, the oxide debris field adjacent to the retreating side notch 
provided an easy crack path.  Finite element modeling also justifies the tendency for 
fatigue initiation to occur at the advancing side notch before the retreating side notch.  
Higher KI is anticipated with increasing hook intrusion depth and angle (see Figure 3.26).  
Therefore, the hook defect at the advancing side notch (see Figures 1.9, 3.7) is expected 
to contribute to significantly higher notch stresses and accelerated fatigue cracking. 
 Fatigue striations in the fatigue fracture in ambient testing indicate a ductile, 
transgranular fatigue path (see Figure 3.20), typical of fatigue of aluminum in ambient air 
at moderate to high da/dN (see section 1.4.1) [58].  Striations are also observed in 
corrosion fatigue (see Figure 3.22), although the striations are significantly larger 
consistent with faster fatigue propagation rates and shorter fatigue life.  Corrosion fatigue 
transitions across grains are more angular and abrupt than those in ambient fatigue.  This 
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may indicate a more brittle transgranular cracking mode as observed in fatigue of 7017 in 
3.5 % NaCl at ∆K between 10 and 18 MPa√m at f = 4 Hz [8].  The similarity between 
fatigue fractures in ambient air and in 3.5 % NaCl may be related to the presence of water 
vapor in ambient air.  Water vapor in ambient air increases crack propagation rates and 
influences crack morphology presumably due to hydrogen embrittlement, although to a 
smaller extent than water in aqueous chloride solutions (see section 1.4.1) [57 – 58, 61] . 
 
4.4. COMPARISON BETWEEN FATIGUE TEST FIXTURES 
 DAPCOTM rubber sealed weld specimens tested in the aluminum fixture exhibited 
a higher cyclic loop displacement (see Figure 3.16) and significantly reduced fatigue life 
than those tested in the steel fixture (see Table 3.8) regardless of the upper grip condition.  
The increased cyclic loop displacement implies greater crack opening and therefore 
higher stress intensity factors at the crack tips.  This is likely a combination of lower 
stiffness of the aluminum grips and wider effective clamping distance due to wear of 
aluminum clamping teeth.  Testing at fifty percent reduced maximum applied load (78.8 
to 52.5 N/mm) with the aluminum fixture yielded similar fatigue life data to tests with the 
steel fixture at 78.8 N/mm. 
 Independent of the top-skin clamping fixture used, testing with the rigid grip 
yielded reduced fatigue life compared with testing with the universal grip.  Prior to 
fatigue initiation, stress intensity factors for each condition at each side notch are similar 
according to finite element modeling results (see Figure 3.29).  Therefore, reduced 
fatigue initiation life of the rigid grip condition may be related to slight fixture 
misalignment.  The misalignment was likely parallel to the direction of the weld since 
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specimens were tested in both orientations relative to the weld (i.e. with advancing side 
on the left and on the right) and no trend was observed regarding specimen orientation 
and fatigue life. 
 During fatigue propagation, stress intensity factors are influenced by the grip 
condition according to finite element modeling (see Figure 3.29).  After the advancing 
side fatigue crack propagates about halfway through the top-skin, the stress intensity 
factor at the retreating side notch is increased from 4.4 to 6.4 MPa√m for the rigid grip 
condition but remains unchanged for the universal grip condition.  Therefore, fatigue at 
the retreating side notch is expected to initiate sooner and fail the weld specimen sooner 
with the rigid grip than with the universal grip.  This was observed experimentally with 
both the steel fixture and the aluminum fixture. 
 For all rubber sealed weld specimens tested, the advancing side crack did not 
propagate entirely through the top-skin.  Since the universal joint increases the stress 
intensity factors at the propagating advancing side crack tip, the use of the universal joint 
may reduce the total fatigue life if it causes complete fracture through the top-skin 
whereupon the stress intensity factor at the retreating side notch jumps to 8.7 MPa√m 
with the universal grip (see Figure 3.29).  Fatigue testing of weld specimens without 
sealant using the rigid grip (section 3.2.3) did not fail through the top-skin whereas those 
tested with the universal grip did fail through the top-skin (section 3.2.5).  Assuming the 
different applied loads and grip fixtures only had symmetrical effects on the notch 
stresses, the universal grip probably contributed to a reduction in fatigue life of unsealed 
welds compared with that of testing with the rigid grip.  The upper grip condition was not 
isolated in any experiment with unsealed welds so this is not verified experimentally. 
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4.5. SEALANTS IN AMBIENT FATIGUE 
 The cyclic lives for 1 % sample population failure for welds with CorvelTM nylon-
11 sealant were comparable to welds without sealant as determined by preliminary testing 
with prior standard anodization (see Table 3.7) and testing with thin film sulfuric acid 
anodization (see Table 3.9).  At larger % sample population failures, the nylon sealant 
exhibits a dramatic improvement in fatigue life.  The improvement is thought to rely on 
the mechanical contribution of the sealant.  While the sealant bond remains in tact, the 
maximum KI at the notches is maintained below 0.4 MPa√m for final sealant layer 
thickness (t) of 100–200 µm as predicted by finite element modeling, regardless of the 
extent of the hook defect (see Table 3.15).  The dependence of KI on t is irrelevant since 
for both cases it is well below 2.7 MPa√m, the threshold Kmax for 2024 at R = 0.1 [33].   
 Once the sealant bond has failed on one side of the weld, KI increases above the 
threshold value and fatigue can ensue in a similar fashion as with welds without sealant, 
particularly if the advancing side sealant bond fails first.  If the retreating side fails first, 
fatigue initiation is delayed as shown in Table 3.10.  This is probably because the hook 
defect is more severe at the advancing side notch than the retreating side notch (see 
Figure 3.9) and thus KI is expected to be higher at the advancing side notch.  The large 
variance in fatigue life for the nylon sealed welds as evidenced by the lower Weibull 
modulus can be attributed to the large variance in fatigue life of the sealant bond.  Fatigue 
of the sealant bond is controlled by the size of the largest interfacial void or void in the 
bulk of the sealant.  The voids in the bulk of the sealant are typically about 2 mm in size 
(see Figure 3.11).  These voids may be indicative of incomplete sealant fill of the faying 
surface gaps.  In unsealed welds, the faying surface gaps are opened 60 – 140 µm due to 
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residual stresses.  However, the finger clamp pressure over the faying surface gaps during 
the weld was sustained a sufficient length of time after welding to ensure polymer 
solidification.  The gaps were not allowed to open up from residual stresses while the 
polymer remained melted expect in the case of repaired welds in which the polymer was 
remelted.  However, the voids were observed in welds with and without repair.  
Therefore, it seems more likely that the voids are the result of polymer decomposition at 
the high welding temperatures, similar to the voids obtained during tensile bar 
preparation (see section 3.1.3).   
 Welds with DAPCOTM rubber sealant are comparable in fatigue life with those 
without sealant for the prior thin film sulfuric acid anodization condition (see Table 3.9).  
This is consistent with the observation from tensile testing that the rubber sealant 
provides negligible mechanical contribution to the lap joint.  The fatigue initiation life is 
higher for welds with rubber sealant than for those without sealant.  In general, the 
advancing side crack did not propagate through the top-skin because of the reduced size 
of the hook defect at the advancing side notch for welds with rubber sealant and the 
corresponding delayed fatigue crack initiation (see Table 3.4).  However, the propagation 
life of the rubber sealed welds was shorter than that of the welds without sealant.  The 
retreating side notch on the welds without sealant was slightly hooked towards the cast  
T-rail (see Figure 3.7c) which may have reduced the stress intensity factor at this notch 
and delayed fatigue initiation.  Therefore, compared with unsealed welds, rubber sealed 
welds have delayed fatigue cracking at the advancing side notch and accelerated fatigue 
cracking at the retreating side notch because of the size and orientation of the notches.  
These effects seem to have cancelled each other in order to yield similar total fatigue life 
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results between unsealed and rubber sealed welds.  Adding a highly viscous liquid, such 
as the uncured rubber sealant, between the parts to be welded changes the notch sizes and 
orientations and influences fatigue cracking in the lap joint. 
 
4.6. SEALANTS IN CORROSION FATIGUE 
 Fatigue life with and without sealants in corrosion fatigue conditions are 
comparable (see Table 3.11).  Ideally, an effective sealant will have comparable fatigue 
life in ambient and corrosion fatigue conditions.  Neither sealant candidate is ideally 
effective as an immersion sealant by this criterion. 
 The DAPCOTM rubber sealant failed cohesively at low loads as in ambient 
fatigue, opening the faying surface gaps, and allowing fluid access to the faying surface 
notches.  However, the rubber sealed weld coupons exhibited improved fatigue life over 
the welds without sealant.  The presence of the rubber may have reduced or delayed fluid 
access to the faying surface notches.  This may have been accomplished by the sealant 
closing the gap during fatigue unloading or by only partial failure of the sealant in which 
passages are created allowing restricted fluid flow to the notches. 
 The lack of the effectiveness of the CorvelTM nylon-11 sealant is attributed to the 
loss of adhesive bond strength between the nylon and the anodized aluminum in water.  
This is supported by the observed change from a combination of adhesive and cohesive 
sealant failure to entirely adhesive failure, a lack of anodized layer delamination, and the 
consistency of failure of the sealant bond early in the fatigue loading in corrosion fatigue 
conditions.  The sudden nature of the loss of bond strength with the immersion in water 
suggests a reversible effect due to the reduction of chemical bonding between the 
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adhesive (nylon) and adherend (aluminum) rather than a degradation process.  The effect 
on ideal bond strength is best estimated by calculating the work of adhesion (Wa) in air 
and in water (see eq. 5).  For Wa in air, γα and γβ are the surface tensions of each 
component (CorvelTM nylon-11 and anodized aluminum) in air.  These values are 
calculated and presented in Table 3.2.  For Wa in water, γα and γβ are the interfacial 
tensions of each component with water (presented in Table 3.2).  For both conditions, γαβ 
is the interfacial tension between the components (presented in Table 3.3).  The 
calculated Wa for each condition is shown in Table 4.1. 
 
 







 There is a significant loss in ideal bond strength between the nylon and aluminum 
with the penetration of water.  Rapid penetration of the interface can occur especially 
with a porous anodized layer.  There may be an additional loss in bond strength related to 
ionic effects.  Comyn proposed the reduction in adhesive bond strength between ionic 
materials is related to the reduction of ionic attractive force [113].  The ionic attractive 
force is inversely proportional to the relative permittivity k of the medium.  In dry 
conditions, this may be an average of the adhesive and adherend.  For most polymers and 
for aluminum oxide, k < 10; for water, k ≈ 80.  If water molecules penetrate the interface, 
the relative permittivity between bonded ionic groups of the adhesive and adherend 
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increases and therefore the ionic attractive force decreases.  These losses in adhesive 
bond strength are dependent on the presence of water and should be recoverable by 
drying. 
 Masking of the nylon sealant was successful in one weld coupon in that fatigue 
life in corrosion fatigue conditions was comparable to that in ambient fatigue conditions.  
Therefore, the use of an additional sealant to mask the faying surface gap sealant may be 
viable.  However, this further complicates the assembly, would require an additional 
fabrication step, and would require a masking sealant with adequate long-term corrosion 
protection.  If the masking sealant is penetrated in one location, fluid could access the 
entirety of the weld on one side, and immediately break the sealant bond.  A simpler 
alternative would be to use a polymer with stronger bond strength in water.  This may be 
a challenge since polymers designed for adhesion, such as acrylics and epoxies, exhibit 
reduced bond strength with metals in water [114 - 117].   
 
4.7. COMPARISON BETWEEN CORVEL
TM
 AND PURE NYLON-11 
 Properties influencing the adhesive bond strength of pure nylon-11 and CorvelTM 
nylon-11 on anodized aluminum include tensile properties and dynamic wettability.  The 
tensile properties of each sealant material are equivalent at least below the elastic limit 
(section 3.1.3).  Dynamic wetting may be different between each material.  However, the 
adhesive bond strengths of CorvelTM nylon-11 and pure nylon-11 on a thin film sulfuric 
acid anodized aluminum surface are statistically equivalent (see Table 3.1).  Two possible 
explanations exist for this equivalency. (1) The reduced equilibrium wetting predicted for 
CorvelTM nylon-11 in section 3.1.5 is negligible with regards to dynamic wetting on a 
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rough surface. (2) The increase in viscosity predicted by the incorporation of fillers per 
eq. 8 in CorvelTM nylon-11 is exceeded by the reduced viscosity due to a reduced 
molecular weight as determined by thermal analysis (section 3.1.1).  The dynamic 
wetting of a rough surface is sensitive to the viscosity per eqs. 6 and 7 such that if 
CorvelTM nylon-11 is less viscous than pure nylon-11, they may exhibit similar dynamic 





















 Polymer sealants have been successfully incorporated into the friction stir welding 
process with minor effects on the tensile strength of lap joints.  Rubber sealant applied in 
the uncured form has negligible effects on the weld tensile strength and fatigue strength 
and can be welded with the same parameters as welds without sealant.  However, the 
rubber sealant used fails cohesively at low applied loads and therefore only exhibits 
minor improvement over welds without sealant in corrosion fatigue.  The effectiveness of 
the elastomer sealant is limited by its cohesive mechanical properties, specifically the 
elongation to failure.  Improvements in the corrosion fatigue resistance of elastomer 
sealed welds may be achieved by using a material with > 50 % elongation that is still 
resistant to the high temperatures of friction stir welding. 
 The most notable effects in welds with nylon-11 sealant are those related to the 
higher heat input required to melt a thermoplastic sealant.  More severe hook defects and 
a wider weld joint width correspond with higher stress intensity factors at the faying 
surface notches of nylon sealed welds and thus reduce weld strength if the sealant fails.  
In fatigue loading at small loads, this is eclipsed by the reduction of notch stresses due to 
the load-bearing capacity of the nylon sealant.  Fatigue life of the nylon sealed welds in 
ambient conditions is comparable to or higher than that of welds with rubber sealant or 
no sealant depending on the fatigue life of the nylon bond.  The fatigue properties are 
limited by the adhesive bond strength of the nylon sealant and aluminum interface.  
Immersed in an aqueous solution, the bond strength of the nylon sealant is theoretically 
reduced by 70 % and fails, which immediately exposes the faying surface notches and 
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negates any beneficial effect of the sealant as exhibited in ambient fatigue testing.  
Additional masking of the sealant can restore the ambient fatigue life in corrosion fatigue 
conditions, but adds additional risk factors associated with requiring an uncompromised 
and corrosion resistant mask.  Also, the masking sealant would require high temperature 
resistance (~200 ºC) especially if one aims to take advantage of the reparability of the 
nylon sealant. 
 It is now known that a curable polymer can be used as a sealant so long as its 
decomposition at high temperatures for short times is minimal.  Regarding hard polymer 
sealants with adhesive limitations, epoxies and other adhesive type curable polymers may 
be required to achieve sufficient bond strength in aqueous environments with minimal 
risk factors.  Rubber sealants with cohesive limitations need to possess significant 














SEALANT SHEET FABRICATION 
 
 
 Sealant sheets were fabricated by a process similar to tape casting.  A 19.1 mm 
(0.75 in) thick aluminum plate was evenly heated and maintained at a surface temperature 
of 200 – 250 ºC (392 – 482 ºF) via a series of hot plates (see Figure A1).  The sealant 
material (in the form of powder or pellets) was placed over one end of the plate on a 1.6 
mm (0.06 in) thick aluminum sheet.  Once melted, the material was spread across the 
aluminum sheet with a scraper with adjustable height, similar to a doctor blade in tape 
casting (see Figure A2).  The aluminum sheet and polymer spread were removed from 
the plate and rapidly air-cooled below the polymer melting point, 190 ºC (375 ºF).  While 
still hot, the sealant sheet was gently peeled from the aluminum sheet with a razor blade.  
Wetting the interface with a small amount of water aided the separation.  Resulting sheets 






Figure A1.  Sealant sheet fabrication process.  Thin aluminum sheet is 
placed on thick aluminum plate across several hot plates.  The temperature 
of the thick aluminum plate is consistent throughout and is maintained 
throughout successive sheet fabrication. 
 
 
    
(a)      (b) 
Figure A2.  (a) Top view and (b) bottom view of scraper used for 
spreading of sealant material into consistent thickness sheet.  The height is 
adjustable and was secured in place during use.  Resulting sheets were 
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